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ABSTRACT

Although there are more efficient machines than Induction Machines (IM) available on the market,
such as the permanent magnet synchronous machines, IM still remains the most widely used
machine type in variable speed drives worldwide due to its robustness, reliability, and low initial
costs. The principle of IM and Rotor Flux Field-Oriented Control (RFOC), which is the most
common IM control strategy in demanding applications, may be old and well-known, and many
papers were published in both fields, but still, there is room for improvement. In electric drives,
even a tiny contribution to the overall drive efficiency and dynamics counts since electric
machines are an integral part of our society, making them significant consumers of the world’s
electrical energy.

The following doctoral thesis deals with the analysis of selected nonlinearities and the
problem of parameter variation and estimation of an IM drive fed from a two-level voltage-source
inverter (VSI) and controlled by the so-called Direct RFOC. Inaccurate knowledge of IM model
parameters leads to the RFOC detuning, which deteriorates the drive static and dynamic behavior
and causes incorrect estimation of non or hardly measurable quantities such as the machine flux
and torque. This thesis strives to account for some not too well-known or often neglected
phenomena such as the load-dependent saturation and the parameter estimation in the presence
of the saturation and iron losses. The utilized and proposed estimation algorithms are based
mainly on the Model Reference Adaptive System principle. Improved reduced-order flux
estimators with the included effect of iron losses are also presented and incorporated into the FOC
control schemes. The most significant VSI voltage distortion sources are identified and
compensated as a prerequisite for the improved control and estimation algorithms. Furthermore,
an enhanced integrator for the voltage model (which serves mainly as a reference model
throughout the thesis) evaluation is also proposed. Finally, since the control algorithms are
implemented on Digital Signal Processors, the influence of discretization is also discussed.

The thesis is submitted as a set of selected articles completed with an accompanying text. In
the beginning, a brief theoretical background that supports and supplements the problematics in
the followed-up papers is presented. Next, separate subsections are dedicated to the presented
papers, completed with the papers’ motivation, contribution, discussion about the achieved
results, and suggestions for improvement and future work. All the algorithms were programmed
in C language on a DSP from Texas Instruments and verified on a 12 kW or 3.6 kW IM drive. In
addition, extensive models have been developed in MATLAB/Simulink environment to further
validate the proposed approaches via computer simulations.

Keywords: Field-Oriented Control, Induction Machine Drive Nonlinearities, Induction

Machine, Iron Losses, Magnetic Saturation, Mathematical Modelling, Model Reference Adaptive
System, Parameter Estimation.

vi



ABSTRAKT

Prestoze jsou na trhu k dispozici Gcinnéjsi stroje nez asynchronni motor (AM), jako napf.
synchronni stroje s permanentnimi magnety, AM stale ziistava celosvétové nejpouzivanéjSim
typem stroje v pohonech s proménnymi otackami diky své robustnosti, spolehlivosti a potizovaci
cené. Princip AM a fizeni orientovaného na vektor rotorového toku, coz je nejbéznéjsi ridici
strategie AM v narocnych aplikacich, je sice stary a dobie znamy a v obou oblastech bylo
publikovano mnoho praci, ale rozhodné nelze Fici, Ze neni dale co zlepSovat. V elektrickych
pohonech se totiz pocita i nepatrny prispévek k celkové ticinnosti a dynamice pohonu, a to hlavné
z toho divodu, Ze elektrické stroje jsou nedilnou soucasti nasi spolecnosti a jsou tak vyznamnymi
spotiebiteli svétové elektrické energie.

Predkladana disertatni prace se zabyva analyzou vybranych nelinearit a problematikou
zmény a odhadu parametrii pohonu s asynchronnim motorem napajeného z dvoutroviového
napétového stridace a regulovaného tzv. primym vektorovym fizenim. Nepiesna znalost
parametri modelu asynchronniho motoru vede k tzv. rozladéni vektorového rizeni, coz zhorsuje
statické a dynamické chovani pohonu a zptlisobuje nespravny odhad neméritelnych nebo obtizné
méritelnych velicin, jako je magneticky tok a moment stroje. Proto se tato prace snazi zohlednit
nékteré neptilis znamé jevy, jako je saturace zavisla na zatiZeni a odhad parametrt v pritomnosti
této saturace a ztrat v Zeleze. Vyuzité a navrzené algoritmy odhadu jsou zaloZeny predevsim na
principu tzv. ,Model Reference Adaptive System.” V praci jsou také prezentovany vylepsSené
modely redukovaného rddu pro odhad rotorového toku asynchronniho motoru se zahrnutym
vlivem ztrat v Zeleze, které jsou zaclenény do schémat vektorového tizeni. Jsou identifikovany a
kompenzovany nejvyznamnéjsi zdroje zkresleni napéti stiidace jako prerekvizita pro
predstavené vylepSené algoritmy rizeni a odhadu parametri. Dale je také navrzen vylepSeny
integrator pro vyhodnocovani napétového modelu, ktery v ramci disertace slouzi predevsim jako
referencni model. A konecné, vzhledem k tomu, Ze ridici algoritmy jsou implementovany na
digitalnich signalovych procesorech, je diskutovana také diskrétni povaha algoritmi vektorového
Fizeni.

Prace je predkladana jako soubor vybranych publikaci s doprovodnym textem. Na zacatku je
predstaven strucny teoreticky zaklad, ktery podporuje a doplnuje problematiku v navazujicich
¢lancich. Kazdé predkladané publikaci jsou vénovany samostatné podkapitoly doplnéné o
motivaci, piinos, diskusi o dosazenych vysledcich a moznostech budouciho zlepSeni. Vsechny
prezentované algoritmy byly naprogramovany na signalovém procesoru od Texas Instruments v
jazyce C a ovéieny na pohonech o vykonu 12 kW nebo 3,6 kW. Kromé toho byly vytvoreny rozsahlé
modely v prostiedi MATLAB/Simulink, aby bylo mozné navrzené piistupy dale ovérit pomoci
pocitaCovych simulaci.

Klic¢ova slova: Vektorové rizeni, nelinearity pohonu s asynchronnim motorem, asynchronni
motor, ztraty v Zeleze, magneticka saturace, matematické modelovani, model reference adaptive
system, odhad parametrt.
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Introduction

I 1 INTRODUCTION

Electric drives are and will remain an integral part of human life. The increasing deployment of
electric drives in the industry, electric traction, and everyday life will continue to make demands
on their dynamics, cost, and efficiency. In the past, DC commutator motors practically exclusively
dominated the applications with variable speed control. DC machines have the advantage that
controlling their speed, which is realized mainly by variation of the armature voltage, is simple
and straightforward. Resistors or rotary converters (such as the Ward-Leonard set) were initially
used for this purpose, but this was a lossy control. The situation improved with the advent and
development of power electronics since it was possible to replace large and uneconomical
resistors with, for example, thyristor rectifiers or DC voltage converters, thus achieving significant
energy savings.

Rapid development in AC motor control technology during the 1980s and 1990s enabled the
utilization of various AC machine types as variable speed drives (VSD). Advancements in
semiconductor technology, control hardware, and control theory made AC VSDs more reliable and
affordable to compete with the more traditional controlled DC motor drives.

[t is no exaggeration to say that electric drives, especially the Induction Motor (IM), enabled
the technical progress of our civilization over the past century. Although many years have passed
since Nikola Tesla patented the concept of IM in the 1880s, the IM still remains the most widely
used type of electrical machine in VSD worldwide. This is mainly because the IM has not yet been
surpassed in terms of reliability, maintenance, and purchase price by other types of machines.
However, it is true that, for example, permanent magnet synchronous machines (PMSM) offer
higher efficiency and a better power density than IMs. It is also true that PMSM equipped with a
frequency converter based on the voltage-source inverter (VSI) can offer lower operating costs
than IM, even in constant-speed applications. Therefore, we can expect that in the future, some
portion of the IM-based VSDs will be replaced by PMSM drives since the lower operating costs will
compensate for their higher initial cost. However, it is the opinion of the thesis author that the
reliability and maintenance aspects, along with problems regarding strategic raw materials for
the production of permanent magnets, will keep the IMs as a part of VSD in many applications,
including the highest power drives and railway traction vehicles.

Despite the age of the IM principle and advances in its control methods, it is still worthwhile
to deal with this type of electric machine. One way to improve the effectiveness of an IM drive
which is also the scope of this thesis, is to improve the actual control algorithm. The IM control in
high-performance applications can be based on Direct Torque Control (DTC), Model Predictive
Control (MPC), or Field-Oriented Control (FOC), with the latter being the most common strategy
that is also a subject of the articles presented in the thesis.

FOC of IM drive utilizes a mathematical model of the machine. The assumptions made before
deriving the IM model equations do not fully apply in real life. Several simplifications are usually
accepted before the derivation of the IM space-vector equations - that the stator and rotor
windings are symmetric and sinusoidally distributed, that the magnetic circuit is linear, lossless,
and with infinite permeability, that all the parameters (i.e., resistances and inductances) are
frequency-independent and that the slotting is neglected. Some phenomena (e.g., AC vs. DC
resistance) can be quite safely omitted without affecting the performance of the controlled IM
drive much. However, neglecting the iron nonlinearity and iron losses and the thermal change of
the stator and rotor resistance can lead to more or less severe deviations in the IM model
equations from reality and can affect the controlled IM drive performance. Furthermore, due to
the strong nonlinear and operating point-dependent behavior of the power electronics devices,
the voltage-source inverter (VSI) used in most cases as the supply converter cannot be simply
considered a linear amplifier of the voltage command.
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|1.1  Motivation
Many types of FOC structures can be found in the literature. In the most basic classification, we
can divide the FOC schemes into the so-called Indirect FOC (IFOC) depicted in Fig. 1.1-1 and Direct
FOC (DFOC) depicted in Fig. 1.1-2, which serves as the basis for all the improved FOC control
structures presented in the thesis. Both the schemes belong to the most common rotor-flux
oriented FOC (RFOC), meaning the regulation of the decomposed stator current vector
components occurs in the rotor flux linkage vector-attached reference frame. In IFOC, the angle is
obtained by integrating the summed estimated slip speed and rotor speed. In DFOC, the
transformation angle 6 between the stationary and the synchronous reference frame is calculated
based on the estimated components of the rotor flux linkage vector. Under ideal conditions, such
a choice of the reference frame enables the decoupled control of machine flux and torque.
However, many nonideal aspects exist in a real drive that impair the RFOC ability to regulate
the machine flux and torque efficiently and separately:
= Both the stator and rotor resistance change with the temperature, i.e., with the mechanical
loading.
=  The nonlinearity of the stator and rotor cores causes the change of the machine
inductances.

= The space-vector theory (SVT) used in most cases for the machine modeling considerers
only the fundamental component of Magneto-Motive Force (MMF) in the airgap. However,
the resulting flux density distribution contains higher spatial harmonics due to the finite
number of conductors per phase, saturation, and slotting.

= The complicated distribution of the magnetic field, rotor skewing, and rotor slotting can
be the source of the magnetizing and leakage inductances saturation with increased load.

= The machine stator and rotor cores are the sources of losses that increase with the
machine loading and harmonic content in the supply voltage.

= Thevoltage provided by the inverter is distorted by the dead time and the semiconductor’s
finite switching and finite conductivity.

= The control algorithm accuracy will also be influenced by the sampling time, solver, and
discretization method selection in practical implementation.

The mentioned IM nonlinearities and parameter variation cause the so-called FOC detuning
meaning that the flux and torque are no longer regulated independently and that the quantities
estimated in the control algorithm, such as the torque or flux, are different from reality.
Consequently, the FOC detuning impairs the machine’s static and dynamic behavior, reduces its
torque capabilities, and leads to a higher current drawn from the source. Furthermore, the IM
nonlinearities and parameter variation can influence sensorless speed control, condition
monitoring, fault diagnosis, field-weakening strategies, and maximum torque per ampere
strategies.

Out of the many possible sources of imperfections in the IM drive mentioned above, the
presented thesis focuses mainly on:

1. Analysis and compensation of inverter nonlinearity.

2. Analysis of the influence of magnetic saturation of main flux paths caused by the iron
properties and load.

3. Modeling, measuring, and inclusion of iron losses into the equivalent circuit.

Improved estimators for magnetizing inductance and rotor resistance based on IM's
conventional and iron loss model.

5. Analysis of the influence of discrete implementation of FOC algorithms on the FOC and
parameter estimation process.
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I 2 THEORETICAL BACKGROUND

This chapter is dedicated to the theoretical background that should support or supplement the
articles presented in chapter 3. In section 2.1, a thorough analysis and a physical insight into the
phenomena of inverter voltage distortion are presented, along with a description of the nonlinear
model measurement procedure. Section 2.2 focuses on the IM saturation phenomena, including
load-dependent saturation. In section 2.3, the IM loss segregation is discussed. In 2.4, the IM iron
losses are analyzed in more detail. The explanation of the phenomena is completed with
considerations about IM modeling in the presence of iron losses and iron losses practical
measurement. Section 2.5 briefly tackles the problematics of IM parameter estimation. Since this
thesis focuses mainly on algorithms based on model reference adaptive systems (MRAS), a more
detailed overview of this class of estimators is presented. Finally, since the so-called IM voltage
model is a crucial component used within the presented papers, section 2.6 briefly mentions the
problematics of modified integrators for the stator flux linkage vector estimation.

The aim is to keep this chapter as concise as possible while giving the reader valuable and
substantive information about the theory behind the presented papers. Therefore, some
additional mathematical and theoretical analysis has been moved to appendices.

I 2.1 Inverter Nonlinearity
For the supply of AC VSDs, a two-level three-phase VSI is utilized in most cases. The primary
source of the inverter voltage distortion of the medium and high-power drives is the inserted dead
time and delayed transistor switching [1]-[8]. The following analysis will be focused on IGBT
inverters. However, the analysis for MOSFETSs is very similar [1].

The most common 7-segment center-aligned Space-Vector Modulation (SVM) with the
constant switching frequency will be considered from the possible modulation strategies. Inside
the modern Digital Signal Processors (DSP) used to control the electric machines, synchronized
up-down counters are usually used for this purpose. The control signal for the high-side switch is
then symmetrical around the top of the counter, and the signal for the low-side switch is
complementary. Furthermore, if a software dead time is implemented, then the control signal for
turning on the respective IGBT is delayed by the dead time, the control signal for turning off is
sent without delay. Fig. 2.1-1 shows the influence of the dead time and delayed transistor
switching on the resulting SVM switching patterns and inverter line-to-neutral voltage for both
current polarities.

| 2.1.1  DeadTime
The dead time inserted by the microcontroller or the transistor driver distorts the inverter
line-to-neutral voltage u,, which becomes significant in the area of small voltage vectors applied
to the motor (i.e., during low-speed, low-torque operation) [2]-[3]. It is apparent that during the
dead time, both switches are off, and the polarity of the voltage u, o, when considering an inductive
load, depends on the direction of the current i,. If i, is positive, then D, must conduct and u, is
equal to —Up¢/2. If i, is negative, then D; conducts and u, is equal to +Upc/2 (see Fig. 2.1-2).

| 2.1.2  1GBT Switching
On an IGBT-equipped VSI, the significant contributor to the voltage distortion is the delayed IGBT
switching, primarily influenced by the IGBT parasitic capacitances (Fig. 2.1-3) [9]. First, let us see
what happens during switching on of Q, (see Fig. 2.1-2, Fig. 2.1-3, and Fig. 2.1-4). Let us assume
that the inductance of the load can be treated as a current source during this analysis. In the
beginning when Q, is off, the load current must flow through D,. After the gate-emitter voltage
Ugg crosses the threshold voltage, the collector current I starts to rise. The dIc/dt causes a
voltage drop across the parasitic inductance L, of the conductors that connect the DC-link with
the IGBT module snubber capacitor Cgy,y, (shown later in Fig. 2.1-6). When the forward current
of D, reaches zero, an opposite reverse recovery current starts to flow through D; adding to the
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collector current /. Around the peak of the recovery current, the U¢g starts to sharply fall to zero
since Dy is turning off, meaning that it can now pick up the reverse recovery voltage. The turn-on
process is over, and Q2 conducts the full load current.

A
1__
0 T > s*
P P t
1+ P —
0 p— o > o
i Tae Ton E TD“E t
1 : Lo
E H H » S
0 - e A
Tosr Tae Ton
Trwm
L Unc A
+ i,>0
» Uao+
i t
_Unc |
2 Tdt + Ton: : E‘_’: Toff
4l L : -
2 ! !
T ; ; T » Ugo
i i t
_Unc : i
2 I i i
Upc T ot i‘"i T+ Ton E‘—’i
2 |
: + i, <0
| » Uao—
t
 Upc
2 Trwm

Fig. 2.1-1 Inverter line-to-neutral voltage distortion due to the dead time and IGBT switching; T,,:
equivalent transistor turn-on delay; T,.g: equivalent transistor turn-off delay; Tpyy: modulation period; Ty,:
dead time; s*: ideal switching signal (1 - high-side switch on, 0 - low-side switch on); sq; (Sq2): equivalent
state signal (1 - transistor is on, 0 - transistor is off) for high-side (low-side) switch; u},: ideal inverter line-
to-neutral voltage (defined in Fig. 2.1-2), u,0, (u40-): actual inverter line-to-neutral voltage for a positive
(negative) current polarity; Upc: DC-link voltage.
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Now, let us move on to the analysis of the switching off (see Fig. 2.1-2, Fig. 2.1-3, and Fig.
2.1-5). After the gate-emitter capacity Cgp is discharged and the Ugg crosses the threshold voltage,
the equivalent MOSFET turns off, and the collector-emitter voltage Ucg starts to build up to the
full DC-link value with a drop in the collector current I. That means, the parasitic capacitances
Ccg and C¢g (see Fig. 2.1-3 for definition) are being charged, and the voltage rise time is dependent
on the load or collector current, respectively [5]. This explains the strong dependence of the turn-
off times on the collector current, since the lower the current, the slower the charging process (the
process of switching on is faster and not too much collector current-dependent since it includes
only the more rapid process of the discharge of the parasitic capacitances). After the collector-
emitter voltage reaches the DC-link voltage, D, starts to take over the current. The switching off
is now over, and D; conducts the full load current. The tail of the collector current is one of the
IGBTs’ parasitic properties. After turning off the MOSFET structure, we no longer have control
over the equivalent bipolar transistor. The collector current then decreases relatively slowly by
recombination at the PN junction of the bipolar transistor (difference from POWER MOSFETs).
Furthermore, the parasitic collector-gate capacitance can cause the unwanted transition to the
“on” state during the turning off and is the reason why the gate-emitter voltage is clamped to the
negative value during the off state [10].

The values that the manufacturers of the IGBT modules usually provide in the datasheet are:
turn-on delay time t4(,p), turn-on rise time t,, turn-off delay time tq(,fr) and turn-off fall time ty.
These parameters are generally dependent on the collector current I, junction temperature T;,
collector-emitter voltage Ucg, gate-emitter voltage Ugg, the value of the used gate resistor Rg and
the load type. The dependence of the switching times on the collector current is for other
parameters as constants (usually for the nominal operating conditions) given in the product
datasheet [10]-[12]. It is important to note that the stated IGBT parameters are connected with
the Ugg and I waveforms, therefore we cannot simply calculate the turn-on time for the voltage
compensation purposes as the sum of t4(on) and t, and the turn-off time as the sum of t4(,¢r) and
tr because this does not correspond to the voltage waveforms during the switching. Furthermore,
the actual operating conditions of the IGBT may be different from the ones given in the datasheet.
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Fig. 2.1-2 One leg of the two-level voltage-source inverter (inverter phase “a”); L,: parasitic inductance
of the interconnecting conductors.

The so-called Miller’s plateau, which impairs the process of IGBT switching, is caused by the
strong dependence of C¢g on Ucg (Ccg increases with decreasing Ugg) [13]. Therefore, after Ugg
reaches the threshold voltage, i.e., when I starts to flow and Ugg starts to drop, Ccg begins to
increase, meaning that most of the gate driver current is being used to accommodate the change
in voltage across C¢g since the product C¢g - Ucg continues to increase. Since most of (or all) the
driver charge flow into C¢g, Ugg stays approximately constant. The same process happens in
reverse when the device is turning off.
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Input capacitance: Cjes = Ccg + Cgg

Rg C
G CEL Ucg Output capacitance: Cyes = Ceg + Ccg
Reverse transfer capacitance: Cjos = C¢g

Fig. 2.1-3 IGBT parasitic capacitances.
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2.1.3 Measuring Nonlinear Inverter Characteristic

The above analysis shows that the most significant nonlinearities of an IGBT VSI supplied from
400 V mains are the dead time and delayed switching. In the simplest case, the dependence of the
equivalent turn-on T, and turn-off T,¢ times on the collector current I can be determined by
direct measurement on the VSI. The turn-on time T, is measured as the time interval between
the rising edge of the microcontroller's control signal U,p and the transition of the collector-
emitter voltage of the device under test (DUT). The turn-off time is measured similarly as the time
interval between the microcontroller's control signal U,p and the actual transition of the collector-
emitter voltage. In both cases, the actual transition of the collector-emitter voltage is best to
determine when Ucg = 0.5Upc. The reason is that if the transition is approximately linear, this
models the average value per modulation period [5] (if an asynchronous modulation technique is

used). Fig. 2.1-6 shows the testing circuit that can be used for the delayed switching measurement
[11].

Fig. 2.1-6 IGBT module testing circuit for measuring the turn-on and turn-off times (based on [11]).

The testing procedure can be summarized in individual steps as:
1. For performing the measurement, one leg of the inverter is sufficient.

2. The testing circuit is connected, as shown in Fig. 2.1-6. The inductance value L should
be selected to smoothen the DC load current as much as possible.

3. The modulator in the microcontroller is modified to generate a variable duty cycle for the
respective inverter leg (the switching is in a complementary mode). The switching
frequency should be the same as the one used later for the electric drive control

4. Variable current is generated by adjusting the duty cycle or the value of the auxiliary
resistor Riest- The current should be varied from zero to a value above the peak of the
nominal motor current.

5. Using an oscilloscope and voltage probes, for each value of the current, the delay between
the microcontroller signal and the actual transition of the collector-emitter voltage is
measured during transistor switching on and off.

The described test procedure was carried out on IGBT modules CM100DY-24NF from
Mitsubishi Electric. The testing conditions were: collector-emitter voltage Ucg = 560V, gate-
emitter voltage Ugg = £15V, gate resistance Rg = 6.8 (1, junction temperature T; = 25 °C and an
inductive load. Fig. 2.1-7 shows four oscillograms of the IGBT switching process during the
measurement. The screenshots were made for the different values of the collector current. It can
be seen that the turn-off times significantly depend on the collector current magnitude.
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Fig. 2.1-7 Measuring the delayed switching of IGBT module CM100DY-24NF (U - collector-emitter
voltage, I - collector current, U,,p - DSP control signal); a) turning on, I = 2.4 A; b) turning on, I = 5.4 A;
c) turning off, I = 4 A; d) turning off, I = 6.9 A.

I 2.1.4 Distorting Voltage Vector and Voltage Compensation
Multiple methodologies for voltage distortion analysis and compensation have been presented in
the literature so far. One of the possible approaches to the mathematical analysis of the variable
distorting voltage vector along with the implementation of the voltage compensation is the subject
of the paper presented in section 3.1

I 2.2 Magnetic Saturation

This section describes the main flux path saturation and its influence on the FOC performance,
including the phenomenon of load-dependent saturation. The emphasis is put on the saturation
analysis within the context of the most common space-vector theory used for AC electrical
machines modeling. The saturation in a broader context is a very complex phenomenon, which
almost all of the available theories of electrical machines are not able to respect rigorously.
Therefore, the typical approach is that the equivalent linear circuit valid only for the fundamental
space and time harmonics is derived, and then it is modified to include nonlinearities and
parameter variation such as the magnetic saturation.

I 2.2.1 Considerations about Higher Space and Time Harmonics
The thesis author also considers it appropriate to acknowledge a more severe discrepancy
between the model and reality. SVT inherently considers only the fundamental space wave of the
MMEF [13]; therefore, the fundamental flux and voltage equations along with the equivalent circuit
presented in C.1 should be valid only for this space wave. However, higher space harmonics
caused by a finite number of slots per phase are present in a real machine. The resulting magnetic
flux density is further distorted by slotting and saturation. Rigorously, every space harmonic
should be represented by a different equivalent circuit [14]-[16]. Inductances for each space
harmonics caused by the winding distribution can be roughly theoretically calculated, for
instance, by theory alternative to SVT elaborated by prof. Stépina [16]-[17]. However, it is
impossible to distinguish between the individual space harmonics by experimental tests since, by
experiments, only the net influence can be determined. Furthermore, even the theory proposed
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by prof. Stépina fails when the finite and variable iron permeability is considered; since then, the
MMF and flux density waveforms are distorted, and the principle of superposition can no longer
be used.

The same holds for the higher time harmonics caused by the inverter-generated supply
voltage, for which different IM parametrization should be used [18]-[21]. Higher current
harmonics are introduced if the switching frequency or machine leakage inductance is low. The
current harmonics are undesirable for multiple reasons. First, the FOC strategies inherently
consider and control only the fundamental wave [22]. Therefore, higher time harmonics impair
the FOC performance. Secondly, the harmonics cause the increase of the machine copper, and
mainly iron losses, which will be discussed in sections 2.3.2 and 2.4.1. Moreover, the third
important aspect is that high-frequency machine parameters are generally different from the
values measured at the fundamental frequency due to the skin effect. So we are in the situation
that FOC requires the fundamental wave parameters, but when the inverter is used for the
parameter identification, only the net influence of all the time harmonics is obtained.

The discrepancies mentioned above are neglected in nearly all the papers dealing with IM
modeling for FOC purposes, parameter measurement, and estimation and will also be neglected
in this thesis. However, the study of the influence of the individual space and time harmonics on
the performance of FOC strategies represents an intriguing subject for future research.

| 2.2.2 saturation of Main Flux Paths
A common cause of the FOC detuning is the inexact knowledge of the magnetizing inductance. Due
to the material savings, electrical machines are usually designed so that the rated point lies within
the knee of the magnetization curve. Because of the conventional iron saturation, the magnetizing
inductance of IM then may vary in a wide range [23]-[24]. If the machine is allowed to spin without
a connected load, the saturation characteristics can be easily obtained indirectly from the
measured power, voltages, and currents during a no-load test [25]-[28].

The dependence of the magnetizing inductance on the magnetizing current can be explained
by the nonlinear behavior of the ferromagnetic circuit. There are mathematical models
considering this type of saturation in the literature [29]-[32]. However, as pointed out in [33]-[43],
the IM magnetizing inductance may also saturate as a function of the torque or rotor current,
respectively, especially if the rotor slots are skewed and closed. By the nature of this phenomenon,
this dependency is not possible to experimentally determine by the standard no-load test. Most
papers model the magnetizing inductance only as a function of the magnetizing current. Only a
few works strive to include the influence of the load or torque, respectively [33], [40]. Those
papers use mainly finite element analysis (FEA). However, FEA models require knowledge of the
IM geometry and used materials; therefore, they are suitable for prototyping or new machine
design.

I 2.2.3 Modeling of Saturated Machine (Conventional Saturation)
Conventionally, the IM magnetic flux is held constant by the control algorithm. However, within
maximum torque-per-ampere strategies [44]-[45] or in the field weakening region [46]-[47], the
flux is varied according to the predetermined command.

The considerations in this chapter are made under the assumption that the iron losses are
neglected. Generally, the induction machine saturation is considered after the derivation of the
T-equivalent circuit [13]. The IM basic flux and voltage equations presented in section C.1 are valid
both for saturated and linear magnetic conditions. Only if the saturation of the main flux paths is
considered, then the magnetizing inductance becomes a variable parameter (i.e., L, # const.).

However, a different situation arises during the derivation of the state-space form of IM
equations due to the necessity of differentiation of the product of the inductance and current. If
the flux linkage vectors are used as state-space variables, then the saturation does not explicitly
appear in the equations, and it is sufficient to complete the model with equation L, = f(i,,) or
Ly = f(Ym), respectively. Therefore, when the state-space form of a saturated IM model is
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required, selecting the flux linkages as state variables is a preferred choice [13]. A mathematical
insight into the modeling of IM saturation (without iron losses) is presented in Appendix D.

The magnetizing inductance identification is then the content of papers presented in
sections 3.2 and 3.3, respectively. The first of the mentioned papers strives to identify the load-
dependent saturation, while the second paper also enables the identification of the conventional
saturation in the presence of iron losses.

I 2.2.4 Influence of Skewing on Magnetizing Inductance
Many small and medium power IMs are manufactured with skewed rotor slots [35]. The main
reason behind this measure is the suppression of parasitic synchronous, asynchronous, and
cogging torques [35]-[36], [48]-[49]. These negative phenomena are known to deteriorate the
torque-slip characteristic of the machine[15].

However, rotor skewing does not bring only positive effects. It is well known that the skewing
decreases magnetizing inductance, increases rotor leakage inductance and resistance, and
contributes to interbar currents [36]. In the case of the magnetizing inductance, the decrease is
caused by a reduced magnetic coupling due to the skew angle.

A more interesting phenomenon is the dependence of the magnetizing inductance of a
skewed machine on the rotor current. Since a skewed rotor can be modeled as an infinite amount
of elementary machines connected in series with mutually phase-shifted rotor windings [48]-[49],
then according to SVT, there will be a different rotor current space vector in each machine slice.
The coordinate system of each rotor slice is then fixed to an axis of the reference phase. However,
the individual rotor phases are mutually shifted due to the skew angle.

Within SVT, the magnetizing inductance is defined as the ratio of the magnetizing flux and
magnetizing current magnitudes. If iron losses are neglected, the magnetizing current space
vector is defined as the sum of the stator and rotor current space vectors. However, in a skewed
machine, due to the rotor current space vector variation along the rotor axis, the magnetizing
current’s vector phase and, more importantly, its magnitude will also vary along the rotor axis.
Consequently, a similar phenomenon as an armature reaction known from DC machines’ theory
can occur due to the machine core's magnetic nonlinearity. Because of the magnetizing current
magnitude variation, the magnetic flux will decrease in one half of the rotor while increasing in
the other half. However, due to the saturation, the decrease is higher than the increase, which
reduces the net magnetizing flux.

I 2.2.4.1 Variation of Rotor Current Space Vector
Letus consider the rotor current space vector of an unskewed machine that is already recalculated
onto the stator side:

i = L, (2.2-1)

where y, is the phase shift in a given coordinate system and [ is the vector amplitude.

As mentioned above, a machine with skewed rotor slots can be modeled as an infinite number
of elementary machines on the same shaft, whose rotor windings are shifted by an angle
corresponding to the skewing. Suppose that the origin of coordinates is chosen in the center of the
rotor axial length L. The phase shift of the space vector at a distance x in the axial length direction
can be expressed as

A
y(x) = Xt Yo, (2.2-2)

where x € (—L/2,L/2), and A is the skew angle expressed in electrical degrees. The rotor current
vector in each slice of the machine can be then expressed as
(A
i(x) = Ize](zxwo) (2.2-3)

)
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The resulting influence of skewing can be evaluated by integrating (2.2-3) across the rotor
length, i.e.,

L/2

Zﬂwwﬂ=zj i (x)dx, (2.2-4)
—-L/2
which yields
A
) sin~ ) _
I2(skew) = Le" = kgewla, (2.2-5)
2

where kgpew = sin(A/2) /(A/2) is the skew coefficient known from the theory of electrical
machines [16]. The dependence of kgyew = f(A) for a two-, four- and six-pole machine is shown
in Fig. 2.2-1.
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Fig. 2.2-1 Dependence of the skew coefficient on the skew angle; machine with: solid - two poles,
dashed - four poles, dotted - six poles.

I 2.2.4.2 Variation of Magnetizing Current
Let us first consider an unskewed machine. Within SVT, the magnetizing current vector is defined
(when the iron losses are neglected) as

im =4 + b (2.2-6)

The absolute value of i,,, can be expressed as

im = |im| = \/112 + 12 + 211, cos 6, (2.2-7)

where § is the angle between the stator and rotor current space vectors and I; is the magnitude
of the stator vector. In a skewed machine, the magnetizing current vector will vary across the rotor
length as

A
im(x) = iy + T, (2.2-8)

An absolute value of (2.2-8) yields

A
in(x) = 112 + 122 + 21,1, cos (Zx + 6). (2.2-9)

Equation (2.2-9) essentially states that there will be a different magnitude of the magnetizing
current in each elementary machine slice. If the machine core is magnetically linear, then L, =
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const.= Ly, # f(i), and rotor current in a skewed machine does not influence the net
magnetizing flux.

Fig. 2.2-2 shows the vector diagram for the case when the rotor is modeled as three mutually
shifted slices. In all cases, the stator is geometrically identical. A different equivalent rotor current
vector is present in each slice due to the mutual rotor winding phase shift. It follows that the
resulting magnetizing inductance can be written as

Y@ T ¥me) + ¥me)

L - , - .
" im@) T lm@) T im@)

(2.2-10)

If nonlinear magnetic properties are considered, the saturation varies in the axial direction, and
the inductance (2.2-10) is lower than for an unskewed machine.

b

Ima) Ime)

Im@) Im@) im@)  Im

\

L) L2 (y (b)

Fig. 2.2-2 Effect of the skewed rotor when the motor consists of three slices with different rotor
positions: (a) current space vectors and (b) saturation characteristics. Currents at the end slices are marked
by subscripts (1) and (3) and current in the middle slice by the subscript (2) [38] (edited).

| 2.2.4.3 cross-Coupling of d and g-Axis Currents
Another consequence of the rotor skewing that affects RFOC is the cross-coupling of the d and
g-axis currents. Let us consider that i,4 and i;, are the space vector components in the rotor

center (i.e., at x = 0). The “effective” current components in each slice can be expressed as [35]

A A
i1a(ef) (X) = i14 COS (Zx> — l14 Sin (Z x), (2.2-11)
, . A . (A
[1q(efr)(X) = i14 COS (Zx> + i14 Sin (zx>, (2.2-12)

where the net value iy 4(.fr is aligned to the actual rotor flux linkage vector.

It can be seen that the positively misaligned elements on one side of the rotor experience a
reduction in the actual flux-producing component when the torque-producing component
increases. The opposite is valid for the negatively misaligned side. Therefore, the resulting
magnetizing inductance or rotor flux linkage vector magnitude, respectively, can be obtained by
integration similarly as in (2.2-4). Again, the decrease is more significant than the increase due to
the iron nonlinearity, leading to the magnetizing inductance reduction.

I 2.2.5 Influence of Rotor Leakage Flux
Another cause of the dependence of the magnetizing inductance on the rotor current can be seen
in Fig. 2.2-3. The figure depicts the T-equivalent circuit vector diagram along with the magnetic
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flux paths. The main flux passes through the stator and rotor yoke and teeth. If the rotor slots are
closed, the bridge provides a path for the leakage flux. However, because the slot bridges are
relatively narrow, the rotor leakage flux saturates strongly as the function of the rotor current
[50]-[51]. In Fig. 2.2-3, it can be seen that the saturation at the rotor surface and in the slot bridges
caused by the rotor current appear in the main flux path, which causes the dependence of the main
flux on the rotor current.

@ (b)

Fig. 2.2-3 (a) Space vector diagram and (b) magnetic paths: main flux (solid), stator leakage flux
(dashed), and rotor leakage flux (dotted) [38] (edited).

2.2.6 Saturation of Stator Tooth Tips and Rotor Surface, Field

Displacement
The last consequence of the dependence of the magnetizing inductance on the load is the
saturation of the stator tooth tips and rotor surface. The increased torque of the motor increases
the magnitude of the currents in the stator windings and the rotor bars. This will result in the
stator tooth tips and the rotor surface starting to saturate. Due to the saturation, the effective air-
gap length increases, thus resulting in a lower magnetizing inductance value. The increased angle
between the stator and rotor flux linkage vector also forces the flux lines to cross slots which
inevitably increases the total MMF needed [40]-[41]. The situation is depicted in Fig. 2.2-4, which
shows the lines of the flux plot in the air-gap region.

o

0‘|"

/

T=36Nm _~ T7560 Nm /

Fig. 2.2-4 Flux plots in the air-gap region of the motor at three different load conditions; left: 30 % of
the nominal torque; middle: 100 % of the nominal torque; right: 290 % of the nominal torque) [41].

I 2.2.7 Pseudo Load-Dependent Saturation
Even though only the conventional saturation is considered, keeping the rotor flux linkage
constant does not necessarily mean that the magnetizing inductance is constant. The rotor flux
linkage vector is defined (if a lossless magnetic circuit is considered) as

EZ = Em + EZJ = fm + Logls. (2.2-13)
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Therefore, since the rotor current is proportional to the load, then it follows that under no-load
conditions when i, = 0

Y2 = Y. (2.2-14)

However, keeping the rotor flux constant with increasing load means that the magnetizing flux
magnitude has to be increased in a loaded machine. The situation is depicted in Fig. 2.2-5. Since in
a steady state, the rotor current vector is perpendicular to the rotor flux linkage vector, it follows
that the rotor flux, rotor flux leakage, and magnetizing flux linkage vectors form a right triangle

with the hypotenuse equal to the magnetizing flux linkage magnitude meaning that | £m| > |£2 |
a) b)
!

!

=0 d B

Fig. 2.2-5 Difference between the magnetizing and rotor flux linkage vectors at a) no-load and b) under
load conditions.

I 2.3 Induction Machine Loss Components

Since electric machines consume a large portion of the world’s electrical energy and since IM still
remains by far the most common industrial motor type, regulations and standards exist for the
determination and classification of IMs efficiency [52]. Concerning direct-online (DOL) single-
speed three-phase cage machines, IEC 60034-30-1 [53] specifics four international efficiencies
(IE) classes: IE4 - super premium efficiency, IE3 - premium efficiency, 1E2 - high efficiency,
IE1 - standard efficiency. For instance, according to [54], DOL IMs in the European Union with the
rated power between 0.75 kW and 200 kW must reach the [E3 level by July 2021, and IMs between
75 kW and 200 kW must meet the 1E4 level by July 2023. Furthermore, it is planned that an
IES - ultra premium efficiency having 20% loss reduction compared to IE4 will be incorporated
into the next version of the IEC standard. The efficiency categorization of inverter-fed machines is
a subject of IEC TS 60034-30-2 [55], which defines five classes — IE1 to IE5.

There are two ways of determining IM efficiency. The standard input-to-output methods
based on measuring the input and output power and the calorimetric method [52]. However, the
calorimetric method is slow and difficult to perform [52]. Therefore, for the efficiency
measurement and loss segregation, respectively, input-to-output methods are mainly used.

I 2.3.1 Loss Segregation of Sinusoidally-Supplied Machines
[EC [56] defines several methods for IM efficiency measurement. One of the methods is based on
the efficiency determination (Method 2-1-1B) by summing of the individual components, which
are classified into:
= stator copper losses,

= rotor copper losses,
= jron losses and mechanical losses,

= additional load losses.
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The categories mentioned above represent the standardized, accepted, and well-understood
loss components, which do not precisely capture the physical reality. The merit of the loss
segregation based on the common IEC standard is that it can be used for obtaining the iron losses,
additional losses, and mechanical losses for IM modeling based on the advanced equivalent
circuits for the simulation or FOC implementation purposes. The test procedure for the loss
segregation under a sinusoidal supply is depicted in Fig. 2.3-1. The individual loss component
calculation is analyzed in the following few sections.

For completeness, it should also be noted that it is possible to use analytical equations or FEA
for the loss components analysis and separation [57]. However, both approaches have the
disadvantage of not capturing all the phenomena occurring inside the machine. Furthermore, FEA
can be computationally demanding and requires precise machine geometry and material
specification.

IEC 60034-2-1 Method 2-1-1B, Sinusoidal Supply

Heat run at the motor’s § % of the Motor’s g g % of the Motor's §
rated load until rate of % 105 RatedTorque o g Rated Voltage @
temperature ) 115 5 5410 g
change <1 K/30 min. 8 8 o 8 110095 8
= =g = 90 =
g g8 8 2
g g5 g g
Step | 3 Step Il 38 3 Step Il 2
Rated Load Test | 2 | LoadCurveTest |2 a 2 No-Load Test =
Stator Copper Losses P Szl i Constant Losses P sine
Rotor Copper Losses P, Q Q
Iron Friction and
Losses Pg, Windage
Losses Py,

Fig. 2.3-1 Determining the segregated loss components of an IM according to [EC 60034-2-1 Method
2-1-1B [57] (edited).

I 2.3.1.1 Stator Copper Losses
The uncorrected stator copper losses are calculated according to [EC by using the test resistance
value R,y (of one phase) and phase RMS current value Iy as
Py = 3Rpyl?. (2.3-1)

According to IEC, the test resistance is defined as the resistance at the end of the heat run test,
which can be further corrected to the normalized 25°C value. The calculated losses are then
corrected to the ambient temperature using

Psg = ko, (2.3-2)
where

23540y + 25 — Yamp
9 235 + Oy ’

(2.3-3)

and where 9,, is the winding temperature and 9, is the ambient temperature.
Since the resistance is determined by the DC test (DC resistance), the skin and proximity
effect influence is hidden in the additional loss components.

I 2.3.1.2 Rotor Copper Losses
The slip-dependent uncorrected rotor copper losses are calculated as

P. = (P — P, — Pge)s. (2.3-4)
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where P; is the motor input power during the heat run test, Py, are the iron losses from the no-
load test, and s is the slip at the end of the heat run test. The temperature-corrected losses can
then be calculated as

P. = (P — Psg — Pre)kos. (2.3-5)

An error impairs both (2.3-4) and (2.3-5) since the input power contains additional losses.
However, since the expression is multiplied by a slip that has a relatively low value, the error
significance is also low.

I 2.3.1.3 Iron Losses and Mechanical Losses
The iron losses are determined from the so-called constant losses P, defined as

P. =Py — Py = Pgy + Pre, (2.3-6)

where P, is the no-load input power, Pg, are the mechanical friction and windage losses and Pg,
are the iron losses, and

Ps,o = 3Rs0ls,0, (2.3-7)

where R; j is the resistance calculated by linear interpolation from the values before and after the
no-load test.

Mechanical losses are usually calculated from four or more constant loss points between
30 % and 60 % of the rated motor voltage by developing a curve of constant losses against no-load
voltage squared and then performing linear extrapolation to zero voltage. The intersection of the
extrapolation curve with the vertical axis then corresponds to the mechanical losses. However,
the losses generally depend on the machine's speed and temperature [57].

With the known mechanical losses, the iron loss can be determined in each point (typically
110 %, 100 %, 95 %, and 90 % of the rated voltage) as

Ppe = P. — Pgy,. (2.3-8)

For the determination of the iron losses at full load, the inner voltage U; that takes into account
the voltage drop across the stator resistance should be used. The voltage is calculated as

U; = /(U — IgRs cos 9)? + (IsRs sin ¢)?, (2.3-9)
where
— Py ; — 2
cos@ = W, sing =+/1—cos?¢ . (2.3-10)

The values of voltage, power, current, and resistance in (2.3-9) and (2.3-10) correspond to those
obtained during the heat run test.

| 2.3.1.4 Additional Losses
The additional, i.e., stray load losses are calculated in each point of the load characteristics as
P=P — P, — F— B — Ppe — Prw, (2.3-11)

where P, is the mechanical power on the shaft calculated from the measured speed and torque.
The additional losses calculated using (2.3-11) also contain the extra losses caused by the
difference between the DC and AC resistance. Apart from this, there is still ongoing discussion
about the origin of the stray-load losses [58]. However, the general agreement about the physical
nature of the additional losses is that they are caused by [58]:
= the geometrical structure (stator and rotor slotting and airgap),

= limitations of the magnetic iron material that lead to the saturation on load,
= time harmonics (inverter-fed IMs).

More information about the stray-load losses is given in section 2.4.
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| 2.3.2  Inverter-Fed Motors

If an IM is supplied from an inverter, additional losses appear due to higher time harmonics in the
supply voltage [57]. The efficiency measurement of inverter-fed motors is described in IEC
60034-2-3[59]. The situation in inverted-fed motors is more difficult because the additional
harmonic losses depend on the modulation strategy, switching frequency, and DC-link voltage
[55]-[59]. Therefore, [55] defines the so-called “comparable converter” for the applications below
1 kV. The efficiency can then be measured by four methods. The measuring takes place at seven
clearly defined operating points that can be further used for the efficiency determination in an
arbitrary operating point. The additional harmonic losses compared to the sinusoidal supply can
be obtained using Method 2-3-B, which is based on the IEC 60034-2-1 [56].

I 2.4 Iron Losses in Context of Induction Machine Modeling
Section 2.3 was focused on a general loss classification and their separation according to the
widely accepted [EC standards. The following sections aim to briefly analyze the iron losses in the
context of IM modeling for simulation and control purposes.

The fact that the iron losses influence the IM state, torque, and speed estimation, along with
parameter identification, is undisputable [60]-[65]. One of the most widely used analytical iron
losses models for a sinusoidal magnetic flux is the one that divides the iron losses into three
categories: hysteresis losses, eddy-current losses, and excess losses [66]-[69], i.e.,

APge = kpfiB® + kof2B? + k,f.1° B2, (2.4-1)

where ky,, ko and k, are the hysteresis, eddy-current, and excess losses coefficients, respectively,
and B denotes the peak value of the magnetic flux density. The Steinmetz coefficient § usually
varies within (2;3) [70]. It is worth noticing that the eddy-current and excess losses are
sometimes merged into one loss component [69], [71]. Traditionally all the coefficients are
considered to be constant. However, to achieve better accuracy, some authors consider these
coefficients variable [72]-[76].

It is important to note that (2.4-1) considers only the load-independent iron losses and
sinusoidal variation of the flux density [77]. However, the iron losses increase with the increasing
load [77]-[79]. The slotting, saturation, rotor motion, and inverter supply harmonics cause
significant distortion of the flux waveform during the load conditions leading to the decrease of
the fundamental flux component and increase of the additional harmonic components [78]. The
higher harmonic components then increase the losses due to additional eddy currents and minor
hysteresis loops [78], [80]. The iron loss increase due to the load can be modeled using a modified
Steinmetz equation or generalized Steinmetz equation [77], [81]-[82]. Furthermore, [79]
summarizes that the additional or stray-load losses are caused mainly by the air-gap leakage
fluxes, space harmonic, and time harmonics (see Fig. 2.4-1 and Tab. 2.4-1).

One could also conclude that the additional losses may also be caused by the rotor current.
However, according to [77], [78], and [83], the losses in the rotor yoke caused by the rotor current,
which alternates with the relatively low slip frequency, are negligible. The main rotor core losses
occur in the rotor teeth and the rotor tooth-tips [78].

Nowadays, FEA is widely adopted within the IM iron loss modeling [84]-[86]. However, due
to the extensive computational requirements, it is impossible to utilize FEA for real-time
compensation, and it is also necessary to have a detailed machine geometry and material
properties at disposal. Therefore, experimental methods for the iron losses determination,
including the stray-load losses, are still needed.
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Fig. 2.4-1 Flux paths of different leakage fluxes in IM; a) slot and gap leakage fluxes; b) end leakage flux
[79] (edited).

Tab. 2.4-1 Various sources of stray-load losses [79].

Number Source Lead to

1 Stator slot leakage flux
Rotor slot leakage flux
Zig-zag leakage flux
Skew leakage flux
Leakage fluxes
Belt leakage flux
Overhang leakage flux
Incremental leakage flux

Peripheral leakage flux

O |0 N & U1 &» W N

Harmonics in the airgap MMF )
Space Harmonics

[
(=]

Variation in slot permanence

11 Magnetic saturation in tooth tips Time harmonics

I 2.4.1 Iron Losses of Inverter-Fed Induction Machine
Using a VSI as a power supply for the IM drive introduces additional losses compared to sinusoidal
supply [52], [57] since the total harmonic distortion (THD) of the motor supply voltage directly
contributes to the loss increase [87].

The electric machine represents an inductive load; therefore, the switching frequency
directly affects the current waveform. The influence of the switching frequency on the iron losses
is particularly significant for frequencies below 5 kHz [88]-[90], where the current distortion
becomes relatively high, leading to the distortion of the flux density inside the machine [91]-[92].
The iron losses increment under non-sinusoidal supply are caused mainly by increased eddy
currents [93] and minor hysteresis loops [91].

Keeping the switching frequency arbitrarily high is not always possible in many applications.
A good example can be high-power drives where the switching frequency must be restricted
according to the used semiconductors and their cooling. On the other hand, if the control
algorithms are synchronized with the switching frequency, then the restrictions provide sufficient
computing time that can be utilized in the case of complicated modern control algorithms.

2.4.2 Equivalent Circuits with Included Iron Losses, State-Space

Equations
In this section, two IM T-equivalent circuits considering iron losses along with their state-space
representation are presented - the dominant parallel model [22], [60], [94]-[96], and the series
model [98]-[100]. Also, for the sake of comparison, the traditional model with the iron losses
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neglected is presented. Fig. 2.4-2 shows the topology of the IM T-equivalent circuits and Tab. 2.4-2
then presents the corresponding state-space model matrices [101]. The symbols in Tab. 2.4 2 are
defined in (2.4-2). The parallel model represents physical reality better. On the other hand, it
introduces additional state variables. The series model then adopts further simplifications and
weakens the applicability. Furthermore, there are other IM equivalent circuits considering iron
losses - I'-equivalent circuit [102]-[103], inverse I'-inverse equivalent circuit [104], and a -
equivalent circuit which places the iron loss resistance after the stator resistance [22], [105].
However, these models need further investigation regarding their accuracy and applicability. For
modeling the stray-load losses using an equivalent circuit, one of the possible approaches is to
add a resistance parallelly to the rotor leakage inductance [106].

This thesis utilizes the T-equivalent circuit with the equivalent iron loss resistance placed in
parallel with the magnetizing branch. A detailed mathematical description of the equivalent
circuit is given in section C.2. Such an equivalent circuit does not consider the effect of stray-load
losses. However, its physical accuracy and mathematical description's complexness are still
acceptable for deriving improved rotor flux, magnetizing inductance, and stator and rotor
resistance estimators presented in papers from sections 3.2 and 3.3.

However, it is essential to note again that since the FOC strategies try to regulate only the
fundamental wave of the machine voltage or current, respectively, only the fundamental
component of the measured iron losses should be considered if the losses are compensated in a
FOC algorithm [22], [107]-[108].

Tab. 2.4-2 Different IM state-space models and their state and input matrices [101].

Hasegawa Series

Matrix Levi Parallel Model Traditional Model
Model
11 Q12 Qg3 a,; a,+d; O a,; a, 0
State Matrix A 0 ayp ay Ay Ty +d, O Gy, Gy O
a3, dz; dzz 0 0 0 0 0 O
. — T — T
Input matrix B [b, 0 0]T [b, 0 o] [b, 0 0]
a — _Rl + RFe a - _ RFe a — LZRFe a =iw &
" Lla ’ 12 L10'L20' ' 13 LlO'LZO' ' 22 ] LZo‘ '
a — LmRZ a — & a — Fe a - _ ZRFe
23 L20’ ’ 3 Lm ’ 32 LmLZU ’ 33 LmLZJ‘ 2 4_2
_ 1 1-¢ _ _(1 _)1—0 Lm0 (2.4-2)
a;; = 0T, ot 12 = T Jw oLy 21 = , Az, = Jw T
jRu(1 —0) jRMm 1 — 1
= d,=—-—, b, =—, b, =—, R, = wRy.
T T Lt 2T T T 155, m T Ofm
R1 Llo LZO RZ
Oo——{—1 YN
.af o I é— —— _ = .af
L 8 - p TOF L
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Fig. 2.4-2 Induction motor T-equivalent circuits with possibilities of iron loss inclusion [101] (edited).
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I 2.4.3 Iron Losses Measurement Description
The iron and mechanical losses measurement utilized in the thesis is based on the IEC standard
described in section 2.3.1. For the iron losses determination of the VSI supplied IM drive, it is
necessary to utilize a power analyzer with sufficient bandwidth. As mentioned above, only the
fundamental component of the measured iron losses should be considered.
In this thesis, the losses were measured and modeled as a function of the stator flux linkage
vector amplitude ¥, and synchronous frequency f;, i.e.,

Ppe = f(1, fs)- (2.4-3)

The measured dependence in the form (2.4-3) can be implemented in the DSP as a look-up table,
or the data can be fitted to one of the many analytical models proposed in the literature. In this
thesis, the model proposed in [106] is utilized. The model equation can be written as

_ SRR+ aefp?

P
Fe RFeO

(2.4-4)
where f; is the fundamental supply frequency and k, n and Rgeg are the model parameters.

If the measuring takes place on the inverter-supplied IM, then the drive should be running
unloaded in an open-loop with adjustable reference voltage amplitude and frequency. The
commanded voltage is varied to reach a desired stator flux linkage vector amplitude at each
frequency. For this purpose, the stator voltage equation in a stationary reference frame is utilized,
ie,

Yy = Jo (U1q — Ryiyq)dT. (2.4-5)

Then, for frequencies ranging from 5-10 % to 105-110 % of the nominal value, the fundamental
component of IM input power P;, is measured by a power analyzer for multiple values of the stator
flux amplitude. The modulation strategy and its frequency should be the same or very similar, as
in the case of FOC used later for the drive control. Also, all the significant inverter nonlinearities
must be identified and their compensation implemented.

From the input power P, the constant losses P, are calculated as

P. = Pin — 3R [{gus), (2.4-6)

where I; (rums) is the average RMS value of the motor phase currents. Then, the mechanical losses
Pinecn are calculated from four or more constant loss points between 30 % and 60 % of the
nominal stator flux linkage vector amplitude by developing a curve against no-load voltage
squared (line-to-line RMS value) corresponding to the respective flux value and then performing
linear extrapolation to zero voltage. The intersection of the extrapolation curve with the vertical
axis then corresponds to the mechanical losses. Finally, the iron losses can be calculated from the
constant losses P, and the mechanical losses as Ppecp as

Pre = P. — Pech- (2-4'7)

The described procedure of the iron loss measurement is illustrated in Fig. 2.4-3. The
measured dependence of the iron losses fitted to (2.4-4) is then shown later in papers from
sections 3.3 and 3.4.
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Fig. 2.4-3 Illustration of the IEC-based iron loss measurement procedure; a) curve of constant losses
against no-load voltage squared at a given supply frequency; b) selection of points corresponding to the
30 %, 40 %, 50, %, and 60 % of the rated flux; c) linear extrapolation to the vertical axis for the
determination of mechanical losses; d) the resulting curve of iron losses plotted against the stator flux
linkage vector amplitude.

I 2.5 Induction Machine Parameter Estimation
The parameters of the IM mathematical models are needed for two purposes - the modeling of
the machine itself and for real-time control strategies, among which we can include field-oriented
control (FOC), direct torque control (DTC), and model predictive control (MPC).
The IM parameters are predominantly affected by
= temperature rise,

= skin effect,
=  magnetic flux saturation,
= Joad.

If the parameters in the control algorithm differ from the actual ones, detuning occurs, which
has the following consequences:
= the transformation angle is wrongly calculated,
= the current controllers issue inappropriate references values,
= the machine operates either in an overexcited or underexcited state,
= the control of flux and torque is not decoupled,

= performance of parameter-dependent algorithms (maximum torque per ampere,
field-weakening) deteriorates.

The parameter mismatch also influences the sensorless speed control, condition monitoring, and
fault diagnosis [109].

Today's trend moves towards drive auto-commissioning, which means that an arbitrary
motor can be connected to an arbitrary inverter that performs the machine parameter
identification. The user provides only the basic nameplate values of the motor. Therefore, an ideal
state is an identification of the machine parameters at a standstill because
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= generally, the blocked rotor test may not be possible to perform,
= the machine can be already coupled to load, meaning the no-load test is not possible,
= itis not generally possible to vary the load according to the predefined conditions.

Methods enabling parameter identification at a standstill are mainly based on the DC or AC
signal injection. Methods that compensate for the change of the parameters based on operating
conditions or methods that are intended for identification during the machine run are usually
based on: model reference adaptive system, signal injection, observers, artificial neural networks,
or recursive least-square algorithms (RLS). A basic classification of the possible parameter
identification methods is depicted in Fig. 2.5-1. A good review of parameter estimation techniques

is given in [109] and [110].

Offline methods Online methods

Model
reference Signal Artificial
q O Observers B . )
adaptive injection intelligence

system

Single- Recursive
DC-excited | phase AC least-
injection square

Fig. 2.5-1 Classification of parameter identification and estimation techniques for induction motor
drives [109] (edited).

2.5.1 Parameter Estimation Based on Model Reference Adaptive

System

Since this thesis deals mainly with MRAS-based parameter estimation methods, this category will
be described in this section in more detail. In the field of electric drives, MRAS was first introduced
by Tamai et al. in [111] and later elaborated by other researchers, including Schauder [112], who
utilized the synthesis of MRAS based on the work of Landau [113]. The basic MRAS principle is
that two mathematical models are evaluated in parallel - the so-called reference and adaptive.
The reference model does not depend on the estimated quantity. On the contrary, the adaptive
model utilizes directly or indirectly the estimated quantity. An adaptation mechanism (usually a
simple PI controller) is used to estimate the desired variable by driving the difference between
the reference and adaptive model to zero. For the MRAS design, the Lyapunov theory or
hyperstability theory can be utilized [114]. More detailed information about the adaptation
mechanism derivation is provided in Appendix E.

The advantage of MRAS techniques is a simple implementation and low requirements for
computational power. Their major drawback is that they inherently suppose that the error
between the reference and adaptive model is caused by the estimated parameter only. Control
strategies with multiple MRAS algorithms were proposed in the literature [117]-[118] to
overcome this problem. However, the stability analysis of such a system is complicated and is
mostly omitted or greatly simplified [116].

I 2.5.1.1 Survey of Existing Algorithms
Various MRAS algorithms for the IM parameter estimation have been proposed in the literature.
Usually, the aim is to design an algorithm that
= is affected by other parameters as little as possible,

= does not require coordinate transformations,
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= isstable regardless of an operating mode (motoring, braking),

= uses measurable quantity as a reference model.
| Rotor flux MRAS (F-MRAS)
Originally proposed in [112] for speed estimation. It uses the two-well known IM reduced-order

models in the stationary system for the rotor flux linkage vector calculation, namely the so-called
voltage model

L t
7= ] (w? = Riif? ) dr = Lyoif | + Logig? (25-1)
I Lm 0
and the current model

apB
dgz =LmR2 iaﬁ_& a
dt L, & L,*?

Pt oy, (25-2)

The reference and adaptive model selection depends on the required estimated parameter. The
current model is selected as a reference if the estimated parameter is the stator resistance [119].
If the estimated parameter is the rotor resistance, the voltage model serves as a reference [120].
In [121], a similar estimator augmented with the RLS algorithm for a simultaneous rotor
resistance and magnetizing inductance was proposed.

The major drawback of this estimator is that both the reference and adaptive models are non-
measurable quantities. Also, pure integration cannot be used for the voltage model because of the
DC offset accumulation problem [122]. Furthermore, inverter nonlinearity will affect the voltage
model accuracy, especially at low speeds.

I Reactive power MRAS (Q-MRAS)
Proposed in [123] for rotor time constant estimation and further elaborated by many other
researchers [124]-[129]. The reference model in the dq reference frame is given by

~ -dq . .
Q= J{Efqll } = Uiglia — Uralig (2.5-3)
and the adaptive model by
A .2 .2 L%n .2
Q = ws Lio(if, +i%,) + 7, el (2.5-4)

The adaptive model does not utilize the rotor time constant directly - the time constant and
the adaptive model are interconnected through slip speed (and alternatively flux) estimation. It is
usually implemented in the synchronous reference frame. However, in [129] and [130], it was
implemented in the stationary reference frame. The most significant advantage of Q-MRAS is that
it does not depend on the stator resistance, no pure integration is required, and the reference
model is parameter-free and comprises measurable quantities. One of the major drawbacks is its
sensitivity to magnetizing inductance and leakage inductance variations [125]. Furthermore, it is
expected that the inverter nonlinearity will affect the estimation process if not adequately
compensated for.

| Active power MRAS (P-MRAS)
Proposed in [131] for the stator resistance estimation and later utilized in [127] for the rotor
resistance estimation using a power balance. The estimator shows common advantages and
disadvantages as the Q-MRAS type. In [129], it was combined with the Q-MRAS for a simultaneous
stator and rotor resistance estimation in the stationary reference frame.
The reference model in the dq reference frame is given by
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-dq . ,
P= ER{Efqll } = Uy qirg + l1qUi1q- (2.5-5)

The adaptive model is obtained by substituting for the stator d and g-axis voltage components
from the IM model:

P =RyiZ + ws(1 — 0)Lyisq4is, (2.5-6)
| x-MRAS

Proposed in [132] for the stator resistance estimation. The estimator is based on a fictitious
quantity that has no actual physical meaning, which is defined as

X = S{ufi, (2.5-7)

The adaptive model is obtained by substituting for the stator d and g-axis voltage components
from the IM model:

X = 2Ryiyqi1q + ws(Lyify — oLyi%y). (2.5-8)

It was shown that such a controller is stable in all four quadrants of operation. It can be stated that
the estimator shares common advantages and disadvantages as the P and Q-types.

| Py-MRAS
Proposed in [133] for the stator resistance estimation. The functional candidate is based on the
combination of the active power P and a fictitious quantity Y defined as

Y = —R{ul?i). (2.5-9)

The most significant advantage of the PY-MRAS is that it does not require information about
the synchronous speed. The authors also claim that the estimator is stable in all four quadrants,
but only simulation results are presented.

I q-Axis Rotor Flux
The stability analysis and adaptation gain design of the g-axis rotor flux MRAS were thoroughly
carried out in [134]. The estimated g-axis rotor flux is compared with zero and the difference is
fed into the adaptation mechanism. In the estimation scheme, the sign function of the g-axis
current is employed. The estimator was proven stable in the whole speed range

| 4-Axis Air-gap Flux
Proposed in [135] for the rotor time constant estimation. The method is based on measuring the
air-gap flux from the third harmonic component of stator voltage. The third harmonic in the
air-gap flux occurs predominantly due to the saturation. The adaptive model depends on the
magnetizing inductance. The disadvantage is the requirement for stator phase voltage sensors.

I d-Axis Stator Voltage
Proposed in [136] for the rotor time constant adaptation. The reference model is the d-axis stator
voltage demanded by the d-axis stator current controller and the adaptive model is the calculated
d-axis voltage component. The scheme is sensitive to voltage distortion, stator inductance, and
stator resistance variation.

The scheme proposed in [137] utilizes a decoupled synchronous voltage control for the rotor
time constant estimation. The advantages include a good performance under varying load/speed
conditions, the absence of additional transducers, and the low sensitivity to the magnetizing
inductance variations.

I q-Axis Stator Voltage
Proposed in [136] for the rotor time constant adaptation. Similarly, as in the case of the d-axis
voltage MRAS, the reference model is the g-axis stator voltage demanded by the g-axis stator
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current controller and the adaptive model is the calculated g-axis voltage component. Again, the
scheme is sensitive to the voltage distortion, stator inductance, and stator resistance variation.

I Electromagnetic Torque (T-MRAS)
Proposed in [127] for the rotor time constant estimation. Both the reference and adaptive models
are non-measurable quantities. Furthermore, the reference model employs the stator flux
equation in the stationary af system, which implies the integration problems and the stator
resistance dependency. Also, non-monotonic dependence of the error for slip speeds lower than
a threshold value was reported.

I Dot Product of Stator Current and Rotor Flux

Proposed in [138] for the rotor time constant estimation. The stator current and rotor flux dot
product serves as the reference model. The adaptive model is the product of the magnetizing
inductance and d-axis stator current. The stability and gain design were then thoroughly
performed in [139], where it was also shown that the mismatch in the stator resistance and
inappropriate selection of adaptation gain would lead to low-speed instability issues. This is also
due to the integration problems because the rotor flux is recalculated from the stator flux obtained
from the voltage model. Another disadvantage is the magnetizing inductance sensitivity. The
advantage is that the models are free of the stator frequency.

I Rotor Back EMF (EMF-MRAS)
The scheme was proposed in [140] for speed identification. In [141], it was used for a
simultaneous speed and stator resistance estimation. The reference model for the speed
estimation is based on the expression in the dq system for the rotor flux linkage calculation
derived from the stator flux linkage and voltage equation. The adaptive model is then based on
the expression in the dg system for the rotor flux linkage vector calculation derived from the rotor
flux linkage and rotor voltage equation. The reference and adaptive model switch their roles to
identify the stator resistance. The advantage of the scheme is that no pure integration is required.

I Other Schemes
Many other schemes based on different quantities used for the rotor time constant identification
can be found in the earlier literature. For instance, [142] proposes MRAS based on the stored
magnetic energy, while [143] utilizes the magnitude of the rotor flux linkage vector.

I 2.5.1.2 Unified Approach to Rotor Time Constant Identification
A unified approach to nearly all the possible rotor time constant MRAS estimators has been
carried out in [114], where, based on the Lyapunov theory, the following formula was derived

d
aTr_l = A[(Lm + f2)l1gW¥2q — fr(Wzq — 1/’251)]: (2.5-10)

where A is a positive number. By a special selection of f; and f, we can obtain the individual MRAS
schemes. This is summarized in Tab. 2.5-1. Fig. 2.5-2 shows the general block diagram of MRAS
for the inverse rotor time constant estimation.

REFERENCE| X
MODEL ¥
FORMING
model inputs TUNING £
SIGNAL
ADAPTIVE 4
MODEL X
A-1
11,
VECTOR a1 + Art ADAPTIVE
I I
CONTROL < < MECHANISM
ALGORITHM + =1 (PI CONTROLLER)
ro

Fig. 2.5-2 General MRAS block diagram for inverse rotor time constant estimation (based on [114]).
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Tab. 2.5-1 Overview of individual MRAS schemes for rotor time constant estimation (based on [114]).

- . . . . Information
Configuration Functional candidate in . .
Reference model Adjustable model needed in
parameter MRAS . .
tuning signal
fi=f2=0 q-axis rotor flux 0 Y2q l1q
d-axis stator voltage Uy Ryi1g — wsalqiyg i1q) Ws
foa=—-L, d-axis rotor flux Liniig Yaa -
q-axis stator voltage Uiq Ryiyq + wsolqisqg Wg
fi1= i%q, f2 =Ly —i14 electromagnetic torque Liniiglia l1qg¥2a — l1a¥2q l1q
active power glig + hiattia  Ry(i2y +i%5) + wsl2i14i14/Lo l1q) Ws
f1=Lyiyg fo =0 innerproductofi; and y, LiiZ, liaWzq + l1gWagq —
inner product of i; and f1 Lyi?; + oL, + ifq i1aP1a + i1g¥1q -
reactive power l1qU1q — ligUa wS(LlL'lZd + aLlifq) W

I 2.5.1.3 Concluding Remarks
Many of the presented schemes, including the F-MRAS, EMF-MRAS, P-MRAS, Q-MRAS, or X-MRAS,
are also used for speed estimation. An excellent overview of the various MRAS estimators for the
rotor speed estimation is presented in [144].

Furthermore, most of the MRAS algorithms presented in the literature do not consider the
influence of iron or stray-load losses. For instance, reference [145] demonstrates that the rotor
time constant depends on the additional losses and proposes its new definition. Therefore, there
is still much room for improvement in MRAS-based identifiers to account for different nonlinear
phenomena mathematically formally defined by augmented equivalent circuits.

Furthermore, most MRAS schemes were tested for an indirect (feedforward) field-oriented
control only. Also, another hot topic is a stable and accurate simultaneous estimation of the rotor
speed and rotor time constant.

I 2.6 Modified Integrators for Voltage Model Calculation
One of the key models utilized throughout the papers presented in this thesis is the so-called IM
voltage model. It can be viewed as a reduced-order model for evaluating the rotor flux linkage
vector components in the stationary af8 system based on the information about the motor phase
voltages and currents. If the machine iron and additional losses are neglected, the model can be
written as

dpy? «
2 aB _ g ocaf (2.6-1)
=u R4
dt —1 1
ap _ L2 ( Wb _ 51,i% ) (2.6-2)
2 Ly, ! -1

The problem is that (2.6-1) cannot be evaluated by a pure integrator (which has an infinite
gain for the DC component) [122]. The reason is the uncontrolled accumulation of the DC offset
on the stator flux linkage vector components caused by unknown initial conditions and
imperfection of the current sensing circuitry (influence of offset and noise). Therefore, multiple
algorithms for the mitigation of the problem of offset accumulation are reviewed in Appendix F.
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I 2.6.1 Proposed Integrator Utilized in Thesis
If a symmetrical sinusoidal quantity is transformed to the a8 complex plane, then in a steady state,
the endpoint of the space vector follows a circular trajectory. Superposition of the DC offset on the
stator flux linkage vector components causes the circular trajectory to drift from the origin. This
is basically the philosophy behind the schemes proposed in [146] and [147].

The integrator scheme used in the papers in this thesis is based on the work in [147].
However, since this thesis deals mainly with the rotor flux-oriented control, the reference stator
flux linkage vector used as the correction term is replaced by the stator flux linkage vector
obtained from the current model. The proposed scheme is depicted in Fig. 2.6-1. Mathematically,
it can be described as

U =J( V- Ry - 2% ae, (2.6-3)
~af |1/J1(cor)aﬁ|
fme =Y | 1= | (2.6-4)
|27
D1 = Kpginoine + Kicino J Eint dt. (2.6-5)

Since the offset usually changes slowly, the selection of the adaptive controller is not too
crucial. The author has experimentally found out that high values distort the resulting estimated
stator flux linkage vector. On the contrary, too low values cause imperfect offset elimination and
the stator flux linkage vector amplitude fluctuation. Therefore, the aim is to find a compromise,
i.e., such gains values that will reliably remove the DC offset without impairing the integrator's
performance. The values can be determined in the simulations or on a real drive by observing the
behavior of the evaluated stator flux linkage vector components and amplitude.

/\aB
1 »
CURRENT MODEL PI
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lpl(cor) o e |¢1(c0r) o
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&

Fig. 2.6-1 Adaptive integrator scheme used in the thesis.
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SET OF ARTICLES SUBMITTED AS DOCTORAL THESIS

In this chapter, the articles presented as the set of publications within the doctoral thesis will be
presented. The articles are only a selected subset of all the author’s publication activities done
during the doctoral study. Each paper will be introduced by a short text that will describe the main
contribution, features, and motivation behind the paper. The author of the dissertation retains the
first authorship of all the articles.

The following papers will be presented in the next sections:
1. Analysis of Voltage Distortion and Comparison of Two Simple Compensation

Methods for Sensorless Control of Induction Motor

Published in the proceedings of the 2019 IEEE 10th International Symposium on
Sensorless Control for Electrical Drives (SLED). The conference was held in Turin, Italy.

Indexed in Scopus and WoS.

Offline method for experimental identification of load-dependent saturation of
induction motor taking into account variation of inverse rotor time constant

Published in IET Power Electronics on 1st July 2020.

Journal Impact Factor at the time of publication: 2.641 (2.484 median impact factor in the
category ENGINEERING, ELECTRICAL & ELECTRONIC)

Rank by Journal Impact Factor at the time of publication in the category ENGINEERING,
ELECTRICAL & ELECTRONIC: 126/273 (Q2)

MRAS-Based Induction Machine Magnetizing Inductance Estimator with Included
Effect of Iron Losses and Load

Published in IEEE Access on 14th December 2021.

Journal Impact Factor at the time of publication: 3.367 (2.484 median impact factor in the
category ENGINEERING, ELECTRICAL & ELECTRONIC)

Rank by Journal Impact Factor at the time of publication in the category ENGINEERING,
ELECTRICAL & ELECTRONIC: 94/273 (Q2)

Influence of Selected Non-Ideal Aspects on Active and Reactive Power MRAS for
Stator and Rotor Resistance Estimation

Published in Energies on 19t October 2021.

Journal Impact Factor at the time of publication: 3.004 (3.934 median impact factor in the
category ENERGY & FUELS)

Rank by Journal Impact Factor at the time of publication in the category ENERGY & FUELS:
70/114 (Q3)
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3.1 Paper 1: Analysis of Voltage Distortion and Comparison of
Two Simple Compensation Methods for Sensorless Control
of Induction Motor

3.1.1 Motivation

The first FOC implemented earlier in the author’s master’s thesis was the basic DFOC based on the
so-called IM current model. This type of control does not necessarily need the knowledge of the
inverter-distorted voltage vector applied to the motor terminals. Generally, the VSI used for the
FOC applications is considered a voltage-controlled current source. The current controllers adjust
their voltage commands to compensate for the voltage distortion. Furthermore, if the current
controllers’ bandwidth is sufficiently high, this compensation happens very fast.

However, the situation is different when deployed IM mathematical models or additional
algorithms requiring voltage vector knowledge. Since, in most cases, the voltage is obtained
indirectly by reconstruction from switching signals or simply by using the reference voltage
vector entering the modulator, a proper voltage compensation is needed mainly if the drive
operates at low-speed low-torque conditions where the reference voltage vector’s magnitude
becomes relatively low.

The compensation algorithm that is considered in the following article works only for the
classical SVPWM with a constant switching frequency. However, the constant switching frequency
SVPWM is the most used modulation strategy in electric drives. Nevertheless, for instance, in the
electric railway traction vehicles, modified modulation strategies are common:

= SVPWM strategies modified to work close to or inside the overmodulation region.

To fully utilize the available DC-link voltage (especially in the field-weakening region),
SVPWM may be extended to a non-linear mode. However, the voltage compensation
cannot arbitrarily adjust the resulting duty cycles due to the minimum gate pulse length
constraints for the VSI semiconductor switches. Furthermore, it is a question whether the
voltage compensation at higher speeds is necessary since the relative influence of voltage
distortion decreases with an increasing voltage.

=  SVPWM strategies with variable frequency. These algorithms aim to mitigate the
negative effect of a constant-frequency audible noise. Generally, a variable frequency
acoustic noise may be less irritating for the human ear. Another advantage is a more
uniform frequency distribution of electromagnetic interference.

= Synchronous modulation strategies. Due to the switching frequency limitation, a
synchronous modulation strategy may be deployed in high-power electric drives for
railway traction. Here, a deeper voltage distortion analysis and compensation is lacking in
the literature. Probably because at higher values of applied motor voltage (i.e., at higher
speed), the negative contribution of the voltage vector decreases.

Another aspect to consider is the rated voltage of the used electric machine. Since the
compensation strategy in the following paper compensates only the distortion caused by the dead
time and delayed switching of the IGBT transistors, it is suitable mainly for machines designed to
operate with medium-to-high voltage. [t may also be necessary to compensate for the voltage drop
across the semiconductor switches in low-voltage drives. However, this also depends on the type
of utilized transistors.

I 3.1.2 Main Contribution and Results
To sum up the contribution and main results of the paper:
= A formula for a distorting voltage space vector considering a variable voltage distortion in
each inverter leg is derived.

30



Set of Articles Submitted as Doctoral Thesis

= A simple procedure for obtaining the IGBT inverter nonlinear distorting characteristics is
explained.

= Two simple volt-seconds-based compensation methods are compared.

=  Two inverter non-linear characteristics representations are compared regarding the
compensation accuracy and computational burden.

= The influence of voltage distortion on the accuracy of the speed estimation by the rotor
flux MRAS is assessed.

I 3.1.3 Discussion and Suggestions for Future Work

The presented compensation strategy is suitable mainly for drives operated with DC-link voltage
of several hundred volts and higher since it neglects the voltage drop across the semiconductor
devices. Therefore, the compensation strategy could be improved for low or extra-low voltage
drives by considering a voltage distortion caused by the voltage drop across the conducting diodes
and transistors. The distorting voltage vector corresponding to the voltage drop could be merged
with the distorting voltage vector corresponding to the dead time and delayed switching, and a
summary compensation strategy could be proposed. Of course, the magnitude of the voltage drop
and whether it bears any significance in the process of voltage distortion is mainly dependent on
the used transistors and diodes.

The direct method of measuring the nonlinear inverter model described in section 2.1.3 is
accurate and straightforward but time-consuming. Although the HW and SW modification is only
moderate, additional passive components (inductance and resistance) are required. In addition,
these components must be able to withstand the peak value of the nominal machine current,
which can be relatively high for medium-power drives.

Another topic suitable for future research would be analyzing the voltage distortion influence
in the overmodulation region, considering the constraints imposed by the switching devices. Also,
a thorough analysis of the voltage distortion influence and its compensation for the different
modulation strategies (e.g., synchronous modulations) is still missing in the literature.
Furthermore, since the voltage compensation in volt-seconds utilizes the PWM switching
frequency, the compensation algorithms must be adjusted for variable-frequency modulation
strategies.

The last thing worth mentioning is that the author came up with an analytical model for the
effective dead time characteristic approximation later after the paper publication. The model is
given as

LR
kllixl + k2
where k4, k,, m, and n are the model parameters that should be found by fitting the model to the

measured data. Papers presented in sections 3.3 and 3.4 are already based on the proposed
analytical approximation.

I 3.1.4 Errata
= Equation (16) should be in the form

Teff(lx) = nl X = al bl CP (31'1)

T,
Ay = Teff(x) DC» x =a,b,c

PWM
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Analysis of Voltage Distortion and Comparison of
Two Simple Voltage Compensation Methods for
Sensorless Control of Induction Motor

Ondrej Lipcak
Department of Electric Drives and Traction
Czech Technical University in Prague
Prague, Czech Republic
lipcaond@fel.cvut.cz

Abstract—Many algorithms of induction motor sensorless
control need accurate knowledge of the stator voltage vector.
However, the machine is in most cases supplied by a two-level
voltage-source inverter; therefore, the voltage is distorted by
the inserted dead-time and also by nonlinearities of the
semiconductor switches. This paper analyzes a distortion
caused by the dead-time and delayed IGBT switching in terms
of distorting voltage vector. An offline measurement is
performed to obtain the inverter model. Then, an analysis of
two simple volt-seconds-based compensation methods
(compensation of the reference voltage vector and duty cycle,
respectively) on the accuracy of the speed estimation of a
sensorless field-oriented control based on the rotor flux model
reference adaptive system is performed. The analyzed
methods use either the full inverter model implemented as a
look-up table or its trapezoidal approximation. Outline on
computational complexity and discussion on finding optimal
coefficients for the trapezoidal model are given, too.

Keywords—induction motor, field-oriented sensorless
control, model reference adaptive system, voltage-source
inverter nonlinearities identification, IGBT

1. INTRODUCTION

Induction motors (IM) belong to the most popular
electromechanical converters [1]. Their domination in the
industrial sphere is caused mainly due to their distinct
advantages such as simple construction, robustness, low
maintenance, low cost, and high reliability [1]. Their
disadvantage, i.e., the dependence of the rotor speed on the
supply frequency that had restricted their use in variable
speed drives in the past has been successfully surpassed by
the development of control strategies such as field-oriented
control (FOC) [1]-[4]. High computation power of today’s
digital signal processors (DSP) permits practical
implementation of even complicated control algorithms
such as speed sensorless control that becomes more and
more popular [3]-[5]. In some algorithms of the sensored
and many algorithms of the sensorless FOC, it is necessary
to know the actual stator voltage vector applied to the motor
terminals [1]-[5]. However, if a PWM controlled voltage-
source inverter (VSI) is used to supply the machine, it
becomes complicated and hardware demanding to measure
the stator voltage directly. Because of that, the voltage is
mostly determined indirectly [6].

The commonly used approach is based on using the
reference voltage vector (i.e., input to the modulator) as the
input to the control model [6]-[11]. This method is simple
and can be quite efficient, but one must deal with a key
problem, and that is a nonlinear behavior of the VSI caused
by the semiconductor switches, i.e., the finite turn-on and
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turn-off times and the voltage drop. The voltage is further
distorted by the necessary protective time, i.e., dead-time
[7]-[11]. Proper compensation of the inverter most
significant nonlinearities is essential in order to achieve
good accuracy of the IM models and thus sensorless motor
control [9]-[10],[12].

The compensation techniques can be either hardware or
software-based [7]-[8]. The more preferred software
compensation strategies can be generally divided into three
categories [7]: current analysis-based method, estimator-
based methods, and instantaneous average voltage methods
(also called volt-seconds compensation methods). The
average voltage methods require information about the
motor currents [7]-[12] and can be further divided into
square-wave models, trapezoidal models and more precise
models based on a look-up table (LUT) or analytical
functions that try to model the zero current clamping effect
accurately [10]. The parameters for the more sophisticated
models are usually obtained by the DC test or direct VSI
measurement [9]-[12].

This paper analyses the influence of two simple volt-
seconds based methods on the accuracy of speed estimation
using sensorless FOC based on the rotor flux model
reference adaptive system (RFMRAS). These methods
include compensation of the reference voltage entering
modulator and compensation of the duty cycle for the VSI.
The compensation characteristic is evaluated using either
the measured inverter model implemented as a LUT or its
trapezoidal  approximation. = Comparison of  the
computational burden of the individual cases is presented,
too.

This paper is organized as follows: after a brief overview
of the used IM mathematical models and structure of the
RFMRAS, an expression for the distorting voltage space
vector taking into account current dependent distortion in
each VSI leg caused by the dead-time and IGBT switching
is derived. Then, the model of laboratory inverter obtained
by direct measurement of the switching times for different
values of the collector current is presented. After that,
mathematical expressions for the two different
compensation methods are presented. The paper is
concluded by experimental results measured for 12 kW IM
controlled by TMS320F28335. The experimental results
include a comparison of the computational burden of the
two different compensation methods and two different VSI
models and also their influence on the accuracy of the speed
estimation of the RFMRAS-based sensorless FOC. Also,
the process of finding optimal coefficients for the
trapezoidal model is discussed, too.



II. INDUCTION MOTOR MODELS

The IM models for the rotor flux oriented FOC are
deducible from the IM basic equations and in this paper are
expressed in the stationary (af3) reference frame. The first
possible model that uses the measured values of the stator
currents and rotor angular speed is called the current model
(subscript CM) [2]

doecm LR, R,
a L, 2L,

Yacm +j0Pzcm, 1)

where 1, is the rotor flux linkage space vector, i, is the

stator current space vector, R, is the rotor resistance, w is
the electrical angular speed of the rotor, L, is the
magnetizing inductance, L, is the rotor inductance and
symbol j marks imaginary unit (j2 = —1).

The second, voltage model (subscript VM), is based on
the knowledge of the current and voltage vector applied to
the IM terminals [2]

dyoyvm L, diy
- (21 — Ry, — ol E)' )

where u, is the stator voltage space vector, R is the stator
resistance, L, is the stator inductance and o is the leakage
factor defined as 0 = 1 — L%, /L{L,. This model is, apart
from the fact that it requires the proper knowledge of the
stator voltage as input, also prone to accumulation of DC
offset error. A possible solution to this negative
phenomenon can be found, for example, in [13].

For the inner motor torque Tj, the following equation
expressed in the stator-fixed coordinate system can be
derived (p, denotes the number of motor pole-pairs)

3 Lm . ,
T, = 7Pp Ty (¢2al1ﬁ - lpZBlla)' 3)

III. ROTOR FLUX MODEL REFERENCE ADAPTIVE SYSTEM

For sensorless control of IM, there are numerous MRAS
schemes based on different motor quantities [5]. In the case
of RFMRAS that is used within this paper, the following
error to be minimized can be derived [14]

&= 1/32aCM¢2/3VM - 1/32/3CM Yaavms 4)

where the circumflex denotes the output values of the
adaptive current model. The estimated speed is the output of
the adaptation mechanism, which is a conventional PI
controller. The block diagram of the RFMRAS is depicted
in Fig. 1.

IV. ANALYSIS OF THE SELECTED INVERTER
NONLINEARITIES

In the case of FOC of IM, the stator voltage vector
applied to the motor terminals is mostly formed by space
vector modulation (SVM) calculated by the microcontroller
[2]. The microcontroller generates switching signals for the
VSI drivers in such manner that the dead-time Ty, delays the
control signal for switching on the respective IGBT; the
control signal for turning off is sent without delay [2].
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Fig. 1. Block diagram of RFMRAS
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Fig. 2. Switching on IGBT module CM100DY-24NF
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Fig. 3. Switching off IGBT module CM100DY-24NF

Fig. 2 shows the process of switching on IGBT and Fig.
3 then the process of switching off. The IGBT switching
characteristics are generally dependent on the collector
current I , junction temperature T; , collector-emitter
voltage Ucg, gate-emitter voltage Ugg, the value of the used
gate resistor R and the load type [15]. The impact of the
magnitude of the collector current on the turn-off times is
usually much more significant than in the case of the turn-
on times [15].

A. Distortion of the VSI Output Voltage

By a simple graphical analysis [6], it can be concluded
that T,,, increases and T, ¢ decreases the resulting distortion
caused by the dead-time T4;. Therefore, we can define the
so-called effective dead-time for each VSI leg as [9]

Tettx) = Tar + Ton(ix) — Toge(iy) x =a,b,c. ®)

The average distortion of the inverter line-to-neutral
voltage (defined according to Fig. 4) per modulation period
Tpwm can then be expressed as [9]

T,
Auyy = effx) Upcsgn(iy) x =a,b,c (6)
Towm
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Fig. 4. One leg of two-level VSI

The switching characteristics of the IGBTs are, among
others, strongly dependent on the collector current [9]. The
effective dead-time for each VSI leg is, therefore, a function
of the respective phase current

eff(x) f(lx) X =4, b C. (7)

The distortion of the motor line-to-neutral voltages per
modulation period can be expressed as a function of the
distorting inverter line-to-neutral voltages as

Au, 1 2sgni, —sgnip —sgnic] [Auyg

Auy| == |—sgni, 2sgnip, —sgnic|-|Aupgl.

Au, —sgni, —sgniy, 2sgni.l LAug

Using the definition of space vector, we can define a
distorting voltage space vector as
Au,
Aub
Au,

where K is the transformation coefficient, and a is the
rotational unity operator defined as a = exp(j2/3m).

Au, =K[1 a a?l- , )

Substitution of (8) to (9) yields after a few mathematical
arrangements

sgni, T aa 0 O Auy,
Au; = K sgnib] [ 0 a; Of-[Auy| (10)
sgni. 0 0 a3zl lAugy
where
_ (2 1 1 2)
a; = 3 ) 3 a2 3 a1
— —4Z Z 11
a, ( ;+tza—3a ) a (11)
_ 1 1 L2 2 )
as = (—g §a 3 —a ) a“.
Therefore, (10) can be rewritten as
sgni, Auy,
Au; =K Sgnlb] [ * [Aupo |, (12)
sgn i 0 0 a2 Aug,
which after separation to real and imaginary part gives
1 1
Au, =K [sgn ia Auyg — =sgniy Aupg — =sgnic Auco]

V3
Aug = K? [sgn iy, Aupo — sgn i Augg).

V. DETERMINATION OF THE COMPENSATION
CHARACTERISTICS

A practical approach is used to determine the
dependence of the T,, and T, times on the collector
current I¢. The testing conditions are Ucg = 560 V, Ugg =
+15V, Rg = 6.8, Tj = 25 °C and an inductive load. The
laboratory VSI contains IGBT modules CM100DY-24NF
from Mitsubishi Electric. Concept 2SD106AI-17 circuits
are used as gate drivers. The maximum continuous collector
current of the IGBT modules is I = 100 A and the
maximum collector-emitter voltage is Ucg = 1,2kV. A
snubber capacitor 1000 V; 1.5 pF is connected to each of
the modules. The T, time is measured as the delay between
the rising edge of the microcontroller’s output control signal
and the actual transition of the collector-emitter voltage
Ucg. The transition of the Ucg is measured in the instant
when Ucg = 0.5Upc, which in the case of a linear transition
approximates the average voltage value per modulation
period [9]. The T,¢ time is measured as the interval between
the falling edge of the microcontroller’s output control
signal and the actual transition of the collector-emitter
voltage Ucg. The transition of the Ucg is also measured in
the instant when Ucg = 0.5Upc.

Fig. 5 shows the measured dependence of the effective
dead-time T calculated according to (5) on the collector
current I¢. In accordance with [10], the point (0,0) is added
to the measured values. The actual dead-time inserted by the
microcontroller was chosen to be T4 = 2 pus. For the
purpose of simplification, the measured characteristic is
sometimes approximated by a trapezoidal model given by a
following piecewise function

_ (kg for Ic <y
Tett(Ic) = {klth for Ic > Iip. o

For the collector current smaller than some threshold value
I, the compensation characteristic is linear with tangent k,
and for a higher value than the threshold current, the
compensation characteristic is constant.

Fig. 6 shows the visualization of the voltage distortion
caused by the dead-time and switching delay of the IGBTs
for Tpyym = 100 ps, Upc = 540V and cos @ = 0.7. The
current vector amplitude is equal to 0.3 p.u., the voltage
vector amplitude is equal to 0.1 p.u. and the synchronous
frequency is equal to 0.1 p.u. which corresponds to the low-
speed operation of IM. The distorting voltage vector is
calculated using (13) based on the measured data in Fig. 5.
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Fig. 5. Measured dependence of the effective dead-time on the collector
current
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Fig. 6. Reference voltage (dashed black), distorting voltage (grey) and the
resulting voltage (black solid); Upc = 540 V, Tpywy = 100 ps, cos @ =
0.7 , current amplitude 0.3 p.u., voltage amplitude 0.1 p.u. and
synchronous frequency 0.1 p.u.

Fig. 7 shows the phase error between the distorted and
the reference voltage vector for the same operating
conditions as in the case of Fig. 6. The solid line represents
the instantaneous phase error and the dashed line the
average phase error per one electrical revolution.

VI. BASIC VOLTAGE COMPENSATION METHODS

Among the simplest algorithms for the voltage
compensation, we can include methods that either adjust the
reference voltage vector entering the modulator or that
adjust the duty cycle for the respective VSI leg. In the first
case, the distorting voltage components (13) are added to the
components of the reference voltage vector

U = Ujq + Ay
7 * 15
Up = Uyp + Auyp. (15)

For SVM, it is convenient to define the duty-cycle d,
for each VSI leg such that the average value of the
corresponding inverter line-to-neutral voltage u,, per
modulation period equals to —Up¢/2 if d,, = 0 and +Up¢/
2 ifd, = 1. This can be mathematically expressed as

UDC

Uy = (de - 1)_ X = a, b’ C. (16)

Using (6), the relationship between the reference uy,
and the compensated inverter line-to-neutral voltage ul,
can be written as

Te ff(x)

Uy = Uyp + Upcsgn(iy) x =a,b,c (17)

TPWM
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Fig. 7. Phase error between the distorted and reference voltage vector per
one electrical revolution — instantaneous error (solid), average error
(dashed); Upc = 540V, Tpyy = 100 ps, cos @ = 0.7, current amplitude
0.3 p.u., voltage amplitude 0.1 p.u. and synchronous frequency 0.1 p.u.

Dividing (17) by Upc/2 and substituting for uy, and
Uy, from (16) yields the following relation between the
reference dj, and the compensated duty cycle d,

Te ff(x)

d, =d;+ sgn(i,) x =a,b,c (18)

Tpwm
The compensation characteristic Tefe,) can then be either
based on the measured values of the effective dead-time
(Fig. 5) or the equation (14) of the simplified trapezoidal
model.

VII. EXPERIMENTAL RESULTS

The different compensation techniques presented in
Chap. VI are tested in terms of accuracy of the sensorless
FOC based on the RFMRAS. The voltage model makes the
sensorless RFMRAS FOC vulnerable to low-speed, low-
torque operation when the reference stator voltage becomes
low, and, therefore, the distortion of the reference voltage
by the VSI nonlinearities becomes significant.

A. Experimental Setup

The sensorless RFMRAS FOC was implemented in the
C language into TMS320F28335 Delphino DSP. The clock
frequency was set to 150 MHz, and the calculation loop of
the FOC algorithm was selected to be 100 ps, which
corresponds to 10 kHz PWM. As a drive, machine set with
12kW IM coupled with 8.8 kW separately excited DC
motor has been used. The nameplate values of the IM along
with the IM parameters measured by the conventional no-
load and locked-rotor tests are given in Tab. 1.

B. Determination of the Optimal Parameters for the
Trapezoidal Model

The parameters for the piecewise function (14) were
obtained by minimization of the following error by the
simulated annealing algorithm

e(k, ln) = |82 | — [Agy (K, 1)) | (19)

where |A21| is the amplitude of the distorting voltage vector
calculated using the measured compensation characteristic
in Fig. 5 and |A21| is the amplitude of the distorting voltage
vector calculated using the approximation of the measured
characteristic by (14). The conditions were the same as in
the case of Fig. 6. The resulting values are I;;, = 2.35 A and
k - I, = 1.710 ps. Fig. 8 shows the difference between the
reference and actual voltage when the compensation
characteristic is approximated by the piecewise function,
and the parameters are obtained by minimization of (19).
The price paid for the simplification is that the resulting
voltage (solid line) contains higher harmonics that, in
principle, cannot be eliminated by the trapezoidal model.

Nominal power 12 kW Ry 0.377Q
Nominal current 22 A R, 025Q
Nominal voltage 380V Lis 0.00227 H
Nominal frequency 50 Hz Loy 0.00227 H
Nominal power factor | 0.8 Rpe 202.1 Q
Nominal speed 1460 min™! L 0.078 H

Tab. 1. IM nameplate parameters and measured values used by the
mathematical models
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Fig. 8. Reference voltage (dashed) and compensated voltage (solid) with
piecewise function; Iy, =2.35A, k- Iy, =1.709 ps, Upc =540V,
Tpwm = 100 ps , cosq = 0.7 ; current amplitude 0.3 p.u., voltage
amplitude 0.1 p.u. and synchronous frequency 0.1 p.u.

C. Comparison of the Computational Burden of the
Different Compensation Methods

For the implementation of algorithms for real-time
control, it is also necessary to take into account the
computational burden imposed on the DSP. For this reason,
a comparison has been made for the two different
compensation techniques based on (15) and (18),
respectively, that were either based on the linear
interpolation between the measured data Teg = f(I¢) or the
simplified approximation by the piecewise function (14).

Tab. 2 shows the measured computational times for the
individual cases. It can be seen that adjusting the duty-cycle
is about 1 ps less computationally demanding for both the
interpolation and the piecewise function. The interpolation
is then approximately 2.5 more time demanding than the
evaluation of the piecewise function. It is worth noticing
that in order to save the computational time in the case of
the interpolation, the array was not always being searched
from the beginning but because the current in IM is a
continuous quantity, the searching started from the array
index remembered in the previous step.

D. Accuracy of the REMRAS-Based Speed Estimation

The individual compensation methods and
compensation characteristics were tested in terms of
accuracy of the estimated speed by RFMRAS during the
drive reversal from 50rad-s™! to —50rad-s~!. The
reference rotor flux was set to 0.8 Wb. The results are shown
in Fig. 9. to Fig. 13. In the figures, the dashed line
corresponds to the reference speed, the grey line then
denotes measured, and the black line estimated rotor speed.

First of all, it can be seen that the voltage compensation
(Fig. 9 to Fig. 12) in all the cases significantly improves the
drive behavior compared to the case without compensation
(Fig. 13) where the estimated speed exhibits quite heavy
oscillations. Otherwise, based on the observations of Fig. 9
to Fig. 12 it can be concluded that both the compensation of
the reference voltage vector and the duty cycle seem
equivalent, which is an expected result. Concerning the
difference between the compensation characteristics based
on LUT (Fig. 9 and Fig. 11) and trapezoidal model (Fig. 10
and Fig. 12), it can be stated, that in both cases the estimated

speed exhibits a drop when approaching the value 10 rad -

s~1 that is more significant for the trapezoidal model. The
absolute value of the maximum difference between the
measured and estimated speed for Fig. 9 to Fig. 13 is
captured in Tab. 3.

Interpolation using (15) 9.9 us
Piecewise function using (15) 4.5 ps
Interpolation using (18) 8.8 us
Piecewise function using (18) 3.4 us

Tab. 2. The average computational time of the voltage compensation
methods
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Fig. 9. Drive reversal from 50 rad - s™* to —50 rad - s™; compensation
of the reference voltage vector based on LUT; black dashed — reference

speed, grey — measured speed, black — estimated speed; reference rotor
flux 0.8 Wb
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Fig. 10. Drive reversal from 50 rad - s~ to —50 rad - s™*; compensation
of the reference voltage vector based on the trapezoidal model; black
dashed — reference speed, grey — measured speed, black — estimated speed;
reference rotor flux 0.8 Wb
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Fig. 11. Drive reversal from 50 rad - s™* to —50 rad - s™*; compensation
of the duty-cycle based on LUT; black dashed — reference speed, grey —
measured speed, black — estimated speed; reference rotor flux 0.8 Wb



rotor speed (rad-s™)
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Fig. 12. Drive reversal from 50 rad - s~ to —50 rad - s™*; compensation

of the duty-cycle based on the trapezoidal model; black dashed — reference
speed, grey — measured speed, black — estimated speed; reference rotor
flux 0.8 Wb

rotor speed (rad-s™)
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0 0.2 0.4 0.6 0.8 1 12 14
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Fig. 13. Drive reversal from 50rad-s ! to —50rad-s™'; without
compensation; black dashed — reference speed, grey — measured speed,
black — estimated speed; reference rotor flux 0.8 Wb

Interpolation using (15) 13.6 rad -s™!
Piecewise function using (15) 38.5rad -s’!
Interpolation using (18) 15.9rad -s™!
Piecewise function using (18) 40 rad -s’!

Without compensation 167 rad -s!

Tab. 3. The absolute value of the difference between the estimated and
measured speed for Fig. 9. to Fig. 13.

VIII. CONCLUSION

In this paper, two simple compensation techniques of the
voltage distortion caused by the dead-time and delayed
IGBT switching (compensation of the reference voltage
vector and duty-cycle, respectively) were tested in terms of
the accuracy of the estimated IM speed by RFMRAS and
computational complexity. As for the compensation
characteristics, full inverter model measured by the direct
measurement on the laboratory VSI implemented as LUT
and its trapezoidal approximation implemented as
piecewise function were considered. It has been shown that
the compensation of the duty-cycle gives the same results as
the compensation of the reference voltage but is, at the same
time, less computationally demanding. By mathematical
analysis of the distorting voltage vector, it was also shown
that the trapezoidal model could not eliminate the higher
harmonics even if its parameters were determined by
mathematical optimization method. The trapezoidal model
exhibits slightly worse performance compared to the LUT
but its implementation can be considered if it is desirable to
further reduce the necessary computational time. The speed

estimation and the overall drive performance was
significantly deteriorated when the voltage distortion was
not compensated, which shows the significance of proper
voltage compensation for sensorless control.
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3.2 Paper 2: Offline method for experimental identification of
load-dependent saturation of induction motor taking into
account variation of inverse rotor time constant

3.2.1 Motivation

The IM current model based on the traditional T-equivalent circuit requires the knowledge of the
magnetizing inductance, rotor inductance, and rotor resistance. The model equation in the
stationary a8 system can be expressed as

ap
%2 _LaR2 g Ro ap iy, (3.2-1)
dt L, & L% 2

The parameter combination at the first term on the right-hand side (RHS) of (3.2-1) can be
rewritten as
LmRZ _ Lm
LZ B Lm + LZO’

R,. (3.2-2)

Since the rotor leakage inductance is “small” compared to the magnetizing inductance (typically,
the rotor leakage inductance represents only a few percent of the magnetizing inductance), one
can assume that

L
L0, 1. (3.2-3)
Therefore, practically only the rotor resistance affects the first term on the RHS. The higher the
machine load, the greater the significance of the accurate rotor resistance knowledge. Physically,
this can be explained by looking at the well-known steady-state IM T-equivalent circuit. The
higher the load, the higher the slip and the lower the impedance of the rotor branch, which permits
the flow of a higher rotor current (i.e., the rotor branch becomes more significant)

The parameter combination at the second term on the RHS is the inverse of the so-called rotor
time constant. At first glance, it is clear that this parameter makes the current model sensitive
both to the rotor resistance and the magnetizing inductance. The sensitivity of the current model
to the magnetizing inductance variation is the main idea behind the paper presented in this
section

In section 2.2, a phenomenon of load-dependent saturation was described. In basic FOC
strategies, the mismatch in the magnetizing inductance directly influences the accuracy of the
transformation angle estimation and, therefore, the commanded d and g-axis current values. As
mentioned earlier in the thesis, such a state when the position and amplitude of the rotor flux
linkage vector do not correspond to the “real” value in the machine is called the FOC detuning. The
conventional saturation can be compensated by offline or online measured dependency
implemented as an analytical function or look-up table. However, if we accept the fact that the
magnetizing inductance also depends on the load, then:

= The FOC detuning happens during the load conditions regardless of the no-load saturation
characteristics compensation or the precise knowledge of other IM parameters.

= The dependency of the magnetizing inductance on the load cannot be experimentally
identified by tests used for obtaining the no-load characteristics.

Of course, when the geometry and material composition of the IM is known, one can identify
the load-dependent saturation characteristics using FEA. However, these data are nowadays
considered a proprietary knowledge of the respective machine manufacturer, and obtaining them
becomes a tough and challenging task.
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Therefore, the paper presented in this section proposes a simple method capable of
identifying the load-dependent saturation of inverter-fed IMs when certain conditions are met.
The method compares the estimated torque calculated based on the rotor flux linkage vector
components and measured IM torque. The difference between the two torque values is then used
for adjusting the magnetizing inductance utilized by the current model. Due to the reasons
mentioned above, the “actual” saturation characteristic of the utilized machine was unavailable.
Therefore, the method verification is based on an indirect approach.

I 3.2.2 Main Contribution and Results
To sum up the contribution and main results of the paper:
= A novel experimental method that can be used for the IM load-dependent saturation
identification has been proposed.

= The IM current model upon which the method is based is implemented using a robust
Runge-Kutta 4t order (RK4) method for the current model evaluation. The algorithm is
described in more detail in the paper from section 3.4.

= Since the method is sensitive to the rotor resistance variation, a parallel MRAS-based
estimator for the inverse rotor time constant identification is implemented to work in
parallel with the magnetizing inductance estimation.

= Detailed information on the method implementation is provided, along with a summary
of the method’s advantages, disadvantages, and suggestions.

= Implementation of the saturation characteristics as the function of the rotor flux linkage
vector magnitude and g-axis stator current is proposed.

= The experimental results show a better IM dynamic response and lower current
consumption in a steady-state.

I 3.2.3 Discussion and Suggestions for Future Work
The first thing to note is that the iterative algorithm could be replaced by a PI controller that would
estimate the inductance by ensuring that the difference between the estimated and measured
torque is zero. Such a scheme would practically result in a MRAS estimator. However, a rigorous
stability proof using the Popov hyperstability criterion or Lyapunov second method would be
difficult to perform since the torque equation itself does not represent a state-space model. The
same goes for the small-signal analysis.

As acknowledged in the paper, mechanical losses are not considered since no fan is present
on the shaft. The mechanical losses can be obtained as a byproduct when measuring iron losses
at different supply frequencies. The simplest model that can be utilized for the mechanical losses
analytical approximation is the so-called viscous plus Coulomb friction memoryless model given
by [148]

Tr = Tesgn(Q) + ByQ, (3.2-4)

where T is the resulting torque that corresponds to the mechanical losses, T¢ is the Coulomb
friction, By is the viscous friction constant, and (Q is the mechanical angular speed of the shaft.

Another issue that should be acknowledged is that the method does not consider the rotor
leakage inductance variation since it can also be affected by the load-dependent saturation. The
solution would be to implement another online identification method for the rotor leakage
inductance based, for instance, on the signal injection technique [43], [149]. However, the
accuracy of such methods heavily depends on the proper selection of the injected frequency [109].
At higher frequencies, the estimate is affected by the skin effect. At low frequencies, the estimated
is affected by the transverse equivalent circuit branch with the magnetizing inductance.

A DC dynamometer measured the actual torque for the compensation algorithm. It is
expected that the measurement could be improved using a more sophisticated system such as the
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torque measuring shaft. However, at the time of the paper publication, no shaft equipped with a
strain gauge for the torque measurement capable of handling the machine torque was available
at the department.

The saturation characteristic was implemented using bilinear interpolation in a 3D look-up
table. In [33] and [34], an analytical model for fitting the load-dependent saturation
characteristics was proposed. However, the model is based on a I'-equivalent circuit and utilizes
the saturation value based on the rotor leakage flux. Therefore, the validity conditions and
applicability of the model to the T-equivalent circuit and the saturation calculation with respect
to more easily obtainable parameters could be elaborated.
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Abstract: Accurate knowledge of induction machine parameters has a direct impact on the overall performance of field-oriented
control strategies. In the case of rotor flux oriented control, parameter mismatch causes a discrepancy in the estimated rotor flux
position and amplitude. Magnetising inductance is one of the parameters whose detuning has a direct impact on the setpoints of
the control loops and estimation of hardly or non-measurable quantities. Conventional iron saturation, which can be obtained by
a standard no-load test, is not the only type of saturation occurring in the machine. Depending on the rotor design, the
magnetising inductance and the rotor leakage inductance may also strongly saturate as a function of load and, thus, rotor
current. Based on the authors’ previous work, a new, improved experimental method for identifying the load-dependent
saturation of induction motor, which takes into account variation of the inverse rotor time constant, is proposed. Experimental
results conducted on 12 kW motor show improved static and dynamic behaviour of the drive compared to the constant

parameter model.

1 Introduction

The induction motors (IMs) still belong to the most used
electromechanical converters among high-performance electric
drives. It is because of their reliability, overloadability, and
relatively low-cost production and maintenance. One of the most
common control strategies in demanding applications is the rotor
flux oriented control (RFOC). To reach high performance and high
efficiency of the drive, precise knowledge of the IM equivalent
circuit parameters is needed. Those parameters are used within the
RFOC to get correct setpoints for the controllers. Inaccurate
knowledge of the IM equivalent circuit parameters leads to RFOC
detuning, which causes misalignment of the estimated flux position
and, thus, inaccuracy of the control [1-3]. Also, today's
requirement for reliability and cost reduction lead to the
deployment of sensorless control strategies. In the case of a
sensorless drive, the negative influence of the incorrect parameters
is more pronounced [4-6].

A common cause of the RFOC detuning is the inexact
knowledge of the magnetising inductance. Due to the material
savings, electrical machines are usually designed so that the rated
point lies within the knee of the magnetisation curve. Due to the
conventional iron saturation, the magnetising inductance of IM
then may vary in a wide range [7, 8]. The saturation characteristics
are mostly obtained indirectly out of measured power, voltage, and
current during a no-load test [2, 9, 10].

However, as pointed out in [11-16], the IM magnetising
inductance may also saturate as a function of torque or rotor
current, respectively, especially if the rotor slots are skewed and
closed. By the nature of this phenomenon, this dependency is not
possible to experimentally determine by the standard no-load test.
The majority of papers model the magnetising inductance only as a
function of the magnetising current. Only a few works strive to
include the influence of the load or torque, respectively [11, 16].
Those papers use mainly finite element methods (FEMs). However,
FEM models require knowledge of IM geometry; therefore, they
are suitable for prototyping or new machine design.

Some papers try to identify the inductance by observers or
model reference adaptive system (MRAS) [17, 18]. However, these
methods require precise knowledge of all the other IM parameters.
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Other authors try to identify the magnetising inductance by signal
injection [9, 19-25].

This paper presents a new offline identification method based
on a principle presented in [26]. It compares the values of the
measured and estimated IM torque and tries to minimise the error
between them by adjusting the value of the magnetising
inductance. Unlike our previous method, it does not require
knowledge of the stator resistance. It does, however, require the
knowledge of the rotor resistance, which is naturally not constant
and depends on the IM's temperature, but the problem of the rotor
resistance temperature dependency is overcome by estimating the
value of the rotor inverse time constant. Therefore, intensive
cooling is not required as opposed to our previous method.

The paper is organised as follows: in Section 2, basic IM
equations that are utilised throughout the paper are presented. A
former and improved method of identification of the load-
dependent saturation is presented in Section 3. Guidance for
implementation of the improved method is outlined in Section 4.
Finally, Section 5 is dedicated to the experimental results. These
also include a comparison of our method with the previous one,
which is focused mainly on showing the robustness of the
improved method against changes of the rotor resistance. The
experimental part is concluded by an indirect approach of
verification of the obtained saturation characteristics in terms of
comparison of measured and estimated quantities and dynamic and
static behaviour of a 12-kW drive.

2 Field-oriented control and induction motor
equations

In this paper, equations describing the so-called T-equivalent
circuit depicted in Fig. 1 are utilised for the mathematical
description of IM. In the figure, the symbols y/ and y, represent
the stator and rotor flux linkage space vectors, respectively, u,
represents the stator voltage space vector, i, and i, represent the
stator and rotor current space vectors, respectively, R, and R,
denote the stator and rotor resistance, respectively, wy is the
electrical angular speed of the general reference frame, w is the
rotor electrical angular speed, Ly, is the magnetising inductance and
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the symbol j represents an imaginary unit (j’ = — 1). A squirrel-
cage rotor is considered; therefore, the rotor voltage equals zero.
The stator inductance L, is defined as L, = L, + L,,, where L, is
the stator leakage inductance and the rotor inductance L, is defined
as L, = L, + L,,, where L,, is the rotor leakage inductance.

2.1 Rotor flux estimation

In the case of RFOC (Fig. 2), the position of the rotor flux vector
and its amplitude are of interest. For a direct RFOC, where the
transformation angle between the stationary af and synchronous
dq reference frame is calculated from the components of the rotor
flux vector, the models are expressed in a stator-fixed coordinate
system, therefore w, = 0. The commonly used model, called the
current model, is given by the following vector equation

dlz —1 —1 .
W =Lt 1, — 7 IKZ +JOJZ2’ (1)
where
W=7 @

is the inverse rotor time constant. The Park transformation angle 9
is then calculated as tan™'(y,5/y,q)-

2.2 Torque estimation

The IM torque can be expressed by many equivalent formulas
based on one's choice of state variables. In this paper, a
combination of the rotor flux linkage and stator current vector is
selected. In the case of Clarke's transformation coefficient equal to
2/3 we get

3 Ly . .
Ty = zppE(‘//zallﬂ — Wapira), 3)
where p, is the number of pole-pairs.

3 Load-dependent saturation of induction motor
and proposed method for its determination

3.1 Saturation of the magnetising inductance as a function of
the rotor current

It is well-known that the magnetising inductance saturates as a
function of the magnetising current. This dependency is, for
instance, obtainable from the standard no-load test. However, the
magnetising inductance may also saturate as a function of the load
and, thus, rotor current. Authors in [11, 14] summarise that this
phenomenon is caused mainly by skewing of rotor slots. This effect
can be further aggravated if the rotor slots are closed.

3.2 Previous method

In [26], a simple and intuitive method for offline identification of
the load-dependent saturation of IM was proposed. The method in
addition to the IM current model given by (1) also uses the so-
called voltage model given by the following set of equations:

f(ul Ri))dz,

v, = v, - oLii)

“4)

where o = 1 — L}./L,L, is the leakage factor.

Let us suppose that the simplifying assumptions on which the
vector equations of IM are derived are valid in practice. Then, in an
ideal case, when all the motor parameters are known, there would
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Fig. 2 Block diagram of direct RFOC

be no difference between the magnitude of the estimated rotor flux
vector from the current (1) and voltage model (4). If the results
from the models differ, it means that there has to be some
discrepancy in the motor parameters. Assuming that all motor
parameters except the magnetising inductance are known, we can
adjust the inductance to minimise the following error:

Ey = YovM — YoM Q)

where w,yy and y,cy are the amplitudes of the rotor flux vector
obtained from (4) and (1), respectively.

To suppress the change of the rotor resistance with temperature,
the heavy-load measurements should be made as quickly as
possible, and the motor should be cooled by forced convection.

3.3 Improved method

Consider that the IM runs within RFOC and that there is a
difference between the measured 7 and estimated IM torque Ty,
ie.

Er = T_TIM- (6)

As in the previous section, let us assume the validity of the
simplifying assumption for the space-vector theory. Assuming that
all parameters except the magnetising inductance are known, this
means that the previous error (6) has to depend only on the
magnetising inductance, i.e.

er = f(L). (7

The following iterative algorithm based on (7) can then be used to
obtain the magnetising inductance:

i. Set k=0. Choose an initial value L(k) = Ly, Choose an
incremental inductance ALy; AL, € R*. Specify the minimal
tolerance ;6 € R*.

ii. Calculate er(k). If |er(k)| < 6 then L, = Ly(k) and the
algorithm stops. Otherwise, go to step 3.

iii. If ep(k) > (6/2) then calculate Ly(k+ 1) = L(k) + AL, if
er(k) < —(6/2) then calculate Ly(k+1)=Lyk)—
Increase k by one and go to step 4.
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iv. If the convergence is too slow or if the output oscillates, adjust
AL, by multiplication with relaxation factor 2 € R* and go
back to step 2.

It is recommended to average the values of &7 over multiple

sampling periods. After calculating each new inductance, it is also
necessary to wait for a few seconds for the drive to reach a new
steady-state.

3.4 Reactive-power MRAS for estimation of rotor inverse
time constant

To obtain the load-dependent saturation characteristics of IM, it is
necessary to carry out measurements in the range of a few per cent
of the machine's rated torque to the full machine's rated torque.
Measurements at the high load will cause the rotor to heat up,
leading to a deterioration in the accuracy of the proposed method.

To overcome the problem of the change of the rotor resistance
with the temperature, we propose to implement the estimation of
the rotor inverse time constant parallelly to the iteration algorithm.
The adopted method is MRAS based on IM reactive power (Q-
MRAS) [27-31]. The reference model is given by

0= ul[}ila - ulailﬂ . ®)
The adaptive model is given by
Q = CosLl(ilzd + Uilzq) . (9)
Equation (8) is an expression for instantaneous reactive power,
while (9) represents the steady-state reactive power. The
synchronous speed can be calculated as
w5 = + gip, (10)

where wyp, is the electrical slip speed which can be estimated as

s
Wslip = Trolﬁ~ (1)

The error for the rotor time constant adaptation mechanism, which
is a conventional PI controller, is calculated as

&= 0-0. (12)

The output of the PI controller is the deviation from the initial
inverse rotor time constant 7y, i..

t
A1) = Kpe(n) + Kifer(r)d‘r. (13)
0
Finally, the estimated inverse time constant is given by

T =1 + AT (14)

The block diagram of the Q-MRAS is depicted in Fig. 3.
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Fig. 3 O-MRAS for estimation of inverse rotor time constant
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3.4.1 Practical limitations of Q-MRAS: There are some practical
limitations when considering the implementation of the Q-MRAS
presented in the previous section. Those were summarised in [30,
31], respectively. The Q-MRAS should be active only if the motor
speed and torque are higher than some threshold value. In this
paper, the threshold values for the speed and torque were set to
10% of their nominal values.

3.5 Pros and cons of the proposed method

In this section, we shall briefly summarise the advantages and
disadvantages of the proposed method. As this paper is intended to
improve the method presented in [26] (which will be in the
following text addressed as the ‘previous method’), differences
between those two shall also be emphasised.

3.5.1 Advantages:

i. The method uses the same hardware that is used during the
drive regular operation or commissioning.

ii. The method can be automatised if a programmable load is
available and if the information about load-torque can be fed
into the control algorithm.

iii. The drive runs in the RFOC loop based on the current model
(1) in ap, which is a well-known FOC scheme.

iv. The current model (1) depends only on the magnetising
inductance and inverse rotor time constant. Those parameters
are calculated or estimated.

v. The current model (1), as opposed to the voltage model (4), is
not impaired by the phenomenon of DC offset accumulation
during pure integration. Therefore, modified integrators that
deteriorate the accuracy of the model are not needed.

vi. The method does not depend on the stator resistance as
opposed to the previous method.

vii It does depend on the rotor resistance; however, the change in
the rotor resistance with temperature is considered by
estimating the inverse rotor time constant by Q-MRAS. The
previous method does not try to compensate for the change of
the rotor resistance.

3.5.2 Disadvantages:

i. The method does not work for load torques close to zero
because of the Q-MRAS constraints. However, for the light-
load measurements, the previous method can be used because
the stator and rotor current will be relatively low, which means
that the change in the stator and rotor resistance due to the
rotor heating will not be significant.

ii. The need for the torque measurement makes the new method
more hardware demanding than the previous one. A
compromise between the new and previous method would be
to implement the rotor time constant estimation into the
previous method to eliminate the need for forced cooling.
However, there is still the disadvantage of comparing two
estimated quantities contrary to the new solution, where an
estimated and measurable quantity is compared.

iii. There is still a problem with the uncertainty of the leakage
inductances because these are used within the Q-MRAS. The
method supposes that the leakage inductances are known
accurately or that the effect of their inaccuracy on the output of
the method is negligible. Since it is impossible in the case of a
T-equivalent circuit to accurately determine the stator and rotor
leakage inductance ratio, standardised approaches or rules of
thumb have to be used. Also, there is another aspect, and that is
the saturation of the rotor leakage inductance for some types of
rotor design, as pointed out in [11, 14]. Experimental
investigation of this phenomenon seems rather difficult.

iv. The effect of iron losses is neglected. However, it is possible to
respect the iron losses in the IM model for the price of more
complicated equations.

v. The method assumes that the space-vector theory simplifying
assumptions are valid, which, of course, does not apply to a
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real machine. It also neglects the effect of higher time and
space harmonics. However, in most papers dealing with IM
control and parameter estimation, these aspects are usually not
taken into account.

vi. Mechanical losses are not taken into account, but in principle,
they can be included in the torque equation.

4 Application of the proposed method
4.1 Requirements for initial induction motor parameters

The parameters required for the operation of the iteration algorithm
and Q-MRAS are the initial value of the magnetising and leakage
inductances and the initial value of the inverse rotor time constant,
which is calculated from the initial rotor resistance and rotor
inductance.

Any more or less sophisticated method can be used to obtain
these parameters. However, since in the case of the current model
and the iteration algorithm implementation, these parameters serve
only as a starting value, the conventional no-load and locked-rotor
test is the obvious choice.

4.2 Q-MRAS parameter update

As for the Q-MRAS, the adaptive model (9) uses the magnetising,
stator, and rotor leakage inductances. The problem with the
uncertainty of the leakage inductances was briefly acknowledged
in Section 3.5.2. The stator inductance is updated using a new
value of the magnetising inductance L, (k + 1) as

Lik+1)=Lytk+ 1)+ Ly, (15)
the rotor inductance as

Lk + 1) = Ln(k + 1) + Loy, (16)
and the leakage factor as

Lok + 1) - Lyy(k + 1)
Lk+ D -Lk+1) " a7

ok+1)=1-

The estimated inverse rotor time constant includes the rotor
inductance, which mostly consists of the magnetising inductance.
Therefore, the estimated inverse rotor time constant should vary
not only with the rotor temperature but also with the load-
independent and load-dependent saturation of IM.

On the one hand, the rotor inductance appears indirectly in the
estimated inverse rotor time constant (2), on the other hand, it
appears directly in the adaptive model (9) where it is updated
according to (16). Strictly speaking, the rotor inductance should
appear either as a standalone parameter or as a part of the inverse
rotor time constant since the rotor leakage inductance may not be
determined accurately, or it may also saturate as the function of the
rotor current. In this paper, this discrepancy is neglected since the
rotor inductance alone appears only in the leakage factor
calculation, and therefore, the effect of the leakage inductance
inaccuracy can be neglected [18].

4.3 Compensation of inverter non-linearity

The Q-MRAS reference model (8) uses components of the stator
voltage vector in af. The inverter output voltage is very hard to
measure directly due to its pulsating nature. A common approach
to overcome this problem is to use a reference voltage vector
within the control algorithm. However, due to the inverter non-
linearities, among the most significant ones we can include dead-
time and IGBT delayed switching, the fundamental wave of the
inverter output voltage does not correspond to the reference
voltage.

In this paper, we use a duty-cycle compensation for each leg of
the three-phase two-level voltage-source inverter [32]. The
relationship between the reference duty-cycle dy and the corrected
duty cycle dy is given as
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T
di=di+=sen(i,) x=a,b,c, (18)
Tpwm

where Tpwy is the PWM period, i, is the respective motor phase
current and Ty is the so-called effective dead-time defined as

Teff(x) =T+ Ton(ix) — Tore(ix) x=a,b,c, (19)

where Ty, is the actual dead-time inserted by the microcontroller or
driver, To,(iy) is the current dependent turn-on time of the IGBT
and T¢(i,) is the current dependent turn-off time of the IGBT. The
dependence of the effective dead-time on the collector current (19)
was obtained by direct measurement on the inverter.

4.4 Measuring the load-dependent saturation characteristics
Considering the RFOC and steady-state, the d-axis rotor flux can
be expressed as

Vo = |V_/2| =y, = Lpiy. (20)

For a given flux, the IM torque can be written as

3 L, .
Ty = ZPo T, Wadiig - (21)

Therefore, in this paper, we consider the magnetising inductance as
a function of the rotor flux magnitude and torque-producing (g-
axis) current component, i.e.

Ly = f(jw,

s ilq) = f('//zdy ilq) = f(lllza ilq) (22)

The saturation due to the non-linear properties of the magnetic
circuit is respected by the dependence L, = f(y,) and the load-
dependent saturation by the dependence L, = f(ilq).

The method can be divided into multiple steps:

i. Initial parameters of the IM are obtained, as discussed in
Section 4.1.

ii. RFOC is implemented according to Fig. 2. along with Q-
MRAS for the inverse rotor time constant estimation, which
was described in Section 3.4.

iii. Inverter non-linearity compensation is implemented, as
discussed in Section 4.3.

iv. The motor is running close to the rated speed.

v. The Q-MRAS is started with a set threshold torque.

vi. The dependence (22) should be measured for as many
combinations of the rotor flux and torque-producing current as
possible. This is done by adjusting the reference flux in the
control algorithm along with the torque produced by the
variable load.

vii For the torques lower than the threshold torque set in Q-
MRAS, our previous method should be used.

5 Experimental results
5.1 Experimental setup

The RFOC was implemented in C language into TMS320F28335
Delphino DSP. The clock frequency was set to 150 MHz, and the
calculation loop of the FOC algorithm was selected to be 200 ps
with a 10 kHz PWM. All the experimental data are sampled with
10 ms sampling period. As a drive, a machine set with 12 kW IM
coupled with 8.8 kW separately excited DC motor (DCM) was
used. The DCM serves as a dynamometer. The nameplate values of
the IM and DCM, along with the IM initial model parameters
measured by the conventional no-load (for the rated voltage) and
locked-rotor test are given in Table 1. A picture of the experimental
workplace is shown in Fig. 4.
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Table 1 IM and DCM parameters

Induction motor DC motor

nominal power 12 kKW R 377 mQ nominal power 8.8 kW
nominal current 22A R 225 mQ nominal rotor current 38.3A
nominal voltage 380V Ly, 2.27 mH nominal rotor voltage 230V
nominal frequency 50 Hz L, 2.27 mH nominal excit. current 28A
nominal PF 0.8 Rre 202 Q nominal excit. voltage 110V
nominal speed 1460 min~1 L, 82.5mH nominal speed 1460 min~!

Braking
resistor

Diode
rectifier

Fig. 4 Experimental workplace

0.08
0.07

Lm (H)
0.06

Fig. 5 Measured dependence L, = f(y, irg)

5.2 Measured saturation characteristics

Control board with
TMS320F28335

The measured dependence Ly, = f(w,, i\,) is depicted in the form of
a 3D graph in Fig. 5. In the figure, the minimal flux is restricted to
0.4 Wb and the minimal torque-producing current to 5 A.
According to the measured characteristics, the magnetising
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inductance heavily saturates with a load for lower flux levels where
the rotor current or slip, respectively, must be high to maintain the
torque. The characteristics were implemented as a look-up table.
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Fig. 6 Improved method — measured values of Ly = f(i\,) for reference
rotor flux 0.8 Wb and two different stator and rotor temperatures
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Fig. 7 Previous method — measured values of L, = f(ir,) for reference
rotor flux 0.8 Wb and two different stator and rotor temperatures
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time (s)

Fig. 8 Start of the loaded drive from 0 to 50 rad s~! — with L, and ;"
compensation, dashed grey: reference speed, solid grey: measured speed,
dashed black: load torque developed by DC dynamometer, solid black:
estimated IM torque; reference rotor flux: 0.85 Wb

5.3 Robustness against thermal changes

To validate the robustness of the improved method against the
changes in the rotor resistance, two sets of measurements of the
magnetising inductance for two different stator and rotor
temperatures were done. In both cases, the reference rotor flux was
set to 0.8 Wb.

Fig. 6 shows the measured values for the improved method. The
values for both the temperatures are in good accordance, which
method robustness against changes in the motor resistance.

Fig. 7 shows the results for the previous method, where,
contrary to Fig. 6, change in the stator and rotor winding
temperature causes a significant deviation of the measured values.
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Fig. 9 Start of the loaded drive from 0 to 50 rad s~1 — CPM; dashed grey:
reference speed, solid grey: measured speed, dashed black: load torque
developed by DC dynamometer, solid black: estimated IM torque; reference
rotor flux: 0.85 Wb
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Fig. 10 Start of the loaded drive from 0 to 100 rad s~! — with L,, and z;*
compensation; dashed grey: reference speed, solid grey: measured speed,
dashed black: load torque developed by DC dynamometer, solid black:
estimated IM torque; reference rotor flux: 0.85 Wb
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Fig. 11 Start of the loaded drive from 0 to 100 rad s~! — CPM; dashed
grey: reference speed, solid grey: measured speed, dashed black: load
torque developed by DC dynamometer, solid black: estimated IM torque;
reference rotor flux: 0.85 Wb

5.4 Comparison against constant parameter model

Figs. 8-13 show the start of the IM drive loaded by DCM for three
different reference speed steps: Figs. 8 and 9 — from 0 to 50 rad s !,
Figs. 10 and 11 — from 0 to 100 rad s™! and Figs. 12 and 13 — from
0 to 150 rad s™L. In all the cases, the reference rotor flux is set to
0.85 Wb (corresponding no-load magnetising inductance is 0.0867
H). In Figs. 8, 10, and 12 the magnetising inductance and inverse
rotor time constant are compensated. In Figs. 9, 11, and 13, the
model uses constant parameters. It can be seen that in the case of
the parameter compensation, the start of the drive is always more
or less faster. The higher the difference between the initial and final
speed, the more significant the difference between the constant
parameter model (CPM) and the compensated model. Furthermore,
the steady-state measured and estimated torque are in very good
accordance in the case of the compensated model as opposed to the

1833



120

speed (rad-s1)

2

time (s)

100

80

60

torque (Nm)

40

20

3

Fig. 12 Start of the loaded drive from 0 to 150 rad s~! — with L, and ©;' compensation; dashed grey: reference speed, solid grey: measured speed, dashed
black: load torque developed by DC dynamometer, solid black: estimated IM torque, reference rotor flux: 0.85 Wb
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Fig. 13 Start of the loaded drive from 0 to 150 rad s~1 — CPM; dashed
grey: reference speed, solid grey: measured speed, dashed black: load

torque developed by DC dynamometer, solid black: estimated IM torque;
reference rotor flux: 0.85 Wb
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Fig. 14 Measured current vector amplitude in steady-state — speed: 50
rad s, load torque developed by DC dynamometer: 38 Nm,; black: CPM,
grey: L,, and t;' compensation; reference rotor flux: 0.85 Wb
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Fig. 15 Measured current vector amplitude in steady-state — speed: 100
rad s, load torque developed by DC dynamometer: 60 Nm,; black: CPM,
grey: L,, and t;' compensation; reference rotor flux: 0.85 Wb

CPM, where an error between the estimated and measured torque
exists. In the case of the compensated model, a slight ripple in the
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Fig. 16 Measured current vector amplitude in steady-state — speed: 150
rad s1, load torque developed by DC dynamometer: 68 Nm; black: CPM,
grey: L,, and t;' compensation; reference rotor flux: 0.85 Wb
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Fig. 17 Current vector diagram in dq — speed: 50 rad s71, load torque
developed by DC dynamometer: 38 Nm; dashed: CPM, solid: L, and t;'
compensation, reference rotor flux: 0.85 Wb

calculated torque exists due to the continuous recalculation of the
magnetising inductance based on the bilinear interpolation.

Another important consequence of the parameter detuning is
shown in Figs. 14-16, where the measured amplitudes of the stator
current vector are shown for the corresponding steady-speed cases
in Figs. 8-13. In the case of the CPM, the amplitude of the current
is higher in all the cases with the average difference around 1 A.
Therefore, proper parameter identification and compensation can
lead to energy savings because for the same reference flux and
speed the drive controlled by the compensated model draws lower
current.

Figs. 17-19 shows the current vector diagram for the cases
corresponding to Figs. 14—16. The single-value current components
are obtained by averaging per 5 s window. In the case of CPM, the
flux controller demands lower flux-producing current component
which, because of the saturation, produces lower flux than the
reference one and, therefore, the speed controller has to demand
higher torque-producing current component to maintain the same
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Fig. 18 Current vector diagram in dq — speed: 100 rad s~ load torque
developed by DC dynamometer: 60 Nm; dashed: CPM, solid: L,, and ;"'
compensation; reference rotor flux: 0.85 Wb
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Fig. 19 Current vector diagram in dq — speed: 150 rad s~!, load torque
developed by DC dynamometer: 68 Nm; dashed: CPM, solid: L, and ;'
compensation; reference rotor flux: 0.85 Wb

torque, which is the cause of the higher current drawn from the
source.

6 Conclusion

Load-dependent saturation of an IM is a phenomenon that is often
neglected but which, if not considered, can deteriorate the
behaviour of the IM drive controlled by the modern control
strategies.

In this paper, a novel experimental method for identification of
the load-dependent saturation of IM, which respects the variation
of the inverse rotor time constant, was presented. The proposed
method is intended to be an improved version of our previous
method. The main advantages are that the new method does not
require knowledge of the stator resistance. Secondly, it respects the
variation of the rotor resistance by estimating the inverse rotor time
constant and, thirdly, compares the IM estimated quantity
(estimated torque) to a measurable quantity (load torque).

According to the experimental results, compared to the
constant-parameter model, the compensation of the load-dependent
saturation based on the measured values by our proposed method
along with the compensation of the inverse rotor time constant by
Q-MRAS show improvement of the drive static and dynamic
behaviour.
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3.3 Paper 3: MRAS-Based Induction Machine Magnetizing
Inductance Estimator with Included Effect of Iron Losses
and Load

3.3.1 Motivation
The method presented in the previous section cannot accurately determine the no-load
magnetizing characteristic. This fact and its other disadvantages, such as the necessity of external
torque measurement, omission of iron losses, no rigorous proof of stability, and no sensitivity
analysis, lead the author to develop a new method subject to an article presented in this section.

The article deals with identifying the magnetizing inductance based on the MRAS approach.
The majority of papers dealing with IM parameter identification based on MRAS do not consider
the effect of iron losses. Therefore, the paper presented in this section proposes MRAS based on
improved IM current and voltage models that enables the identification of the no-load and
load-dependent saturation while considering the effect of iron losses. Furthermore, the
adaptation mechanism and the error variable are rigorously derived based on Lyapunov’s second
method. Small-signal analysis and the derivation of the sensitivity function are also presented.

With regard to prerequisites, this article uses:

= inverter model from paper in section 3.1 for the compensation of the most significant

nonlinearities,

= modified integrator for the IM voltage model evaluation described in section 2.6.1,

= robust RK4 order method for the current model evaluation, which is described in more
detail in paper from section 3.4,

= parallel estimation of the rotor resistance by Q-MRAS used in section 3.2,,

= iron losses measurement and implementation described in section 2.4.3.

| 3.3.2 Main Contribution and Results
To sum up the contribution and main results of the paper:
= The paper presents both simulation and experimental results.

= For the simulation results, a complex model of the IM drive with the possibility of iron
losses inclusion was built in MATLAB/Simulink.

=  Improved IM current and voltage models with the included effect of iron losses are
presented.

= A novel magnetizing inductance MRAS estimator able to identify both the no-load and
load-dependent saturation is derived using Lyapunov’s second method.

= For the compensation of the variation of the rotor resistance, modified Q-MRAS with the
included effect of iron losses is presented to improve the method’s accuracy.

= Comparison with the magnetizing characteristics obtained from the standard no-load test
shows an excellent match and validates the proposed approach.

I 3.3.3 Discussion and Suggestions for Future Work

As the vast majority of methods presented in the literature, even the method proposed in the
following paper is sensitive to the other machine parameter such as the leakage inductances and
the stator resistance. The influence of stator resistance (and the voltage distortion) on the voltage
model accuracy can be mitigated by identifying the magnetizing inductance at higher motor
speeds. Furthermore, the stator resistance temperature variation can be compensated using a
thermal sensor in the machine’s stator winding. The situation with the leakage inductances is
more complicated than with the stator resistance. The inductances can be identified, for instance,
by the signal injection as mentioned in section 3.2.3. However, this approach also brings some
problems and challenges (that were also tackled in section 3.2.3).
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The performance of the proposed method also depends on the utilized modified integrator.
The paper uses the scheme presented in section 2.6.1. The algorithm belongs to the group of
adaptive integrators, which should exhibit the best performance among the modified integrators
[150].

As discussed at the end of the paper, the reference model is not free of the magnetizing
inductance. However, the fact that was not explicitly mentioned in the paper is that also the
voltage model utilizes the estimated magnetizing inductance value needed for recalculation of the
stator flux linkage vector to the rotor flux linkage vector. Thus, it can be said that the model
self-improves its behavior through the estimated parameter.

[t shall also be acknowledged that the improved Q-MRAS for the rotor resistance estimation
with the included effect of iron losses was derived using the known reference model formula and
the adaptive by directly substituting for the d and g-axis stator voltage vector components from
the IM state-space model with included iron losses. Therefore, no rigorous proof of stability is
presented. Such an analysis would be quite involved since the IM state-space model with the iron
losses is of a higher order.

Again, an indirect comparison was presented to demonstrate the benefits of cooperation of
the magnetizing inductance and rotor resistance estimators at load conditions. Unfortunately, the
problem of insufficient detailed machine documentation for FEA, as discussed in section 3.2, still
persisted at the time of the paper’s publication.

The iron loss model was simplified by only considering the no-load iron loss characteristics.
An analysis of the contribution of the slip-dependent additional losses would be interesting also
from a general point of view, not only from the point of view of the accuracy of the proposed
method.

Lastly, it is worth mentioning that the IGBT modules CM100DY-24NF from Mitsubishi Electric
used in the papers from sections 3.1 and 3.2 were replaced due to fault by modules
SKM100GB12T4 from SEMIKRON. Of course, the inverter model necessary for the voltage
compensation was reidentified using the approach from section 2.1.3 again.
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ABSTRACT Although still widely used due to its robustness, reliability, and low cost, induction motor (IM)
has a disadvantage of more complicated mathematical description than permanent magnet AC machines.
In high-demanding applications, the decoupled control of the machine’s flux and torque along with the
proper function of selected efficiency-improving and flux-weakening algorithms can be achieved only if the
IM parameters are known with sufficient accuracy. For parameter estimation, many algorithms have been
proposed in the literature so far. Due to its simple and straightforward implementation, one of the popular
estimation strategies is the model reference adaptive system (MRAS). However, MRAS-based algorithms
for a specific parameter estimation tend to be sensitive to other machine parameters. For instance, most of
the proposed MRAS algorithms do not consider the influence of the phenomena such as iron losses and
load-dependent saturation. Since one of the most performance-decisive parameters of the popular rotor flux-
oriented control (RFOC) are the magnetizing inductance and the rotor resistance, this paper aims to present
anovel MRAS-based magnetizing inductance estimator (Lm-MRAS) with the included effect of iron losses.
Furthermore, to enable the identification of the load-dependent saturation, another MRAS with included iron
losses based on reactive power is proposed to work parallelly with Lm-MRAS, since under load conditions,
the rotor resistance mismatch causes RFOC detuning. The adaptation law of the Lm-MRAS is obtained using
the Lyapunov function approach and further examined using small-signal analysis. The proposed algorithms
are verified on a 3.6 kW IM drive both in simulations and experiments.

INDEX TERMS Induction motor drives, iron losses, magnetizing flux saturation, model reference adaptive
systems, parameter estimation, stability analysis.

I. INTRODUCTION

Real-time identification of induction machine (IM) param-
eters in the rotor flux-oriented control (RFOC) is still an
ongoing topic amongst researchers in the field of electric
drives and power electronics. For example, in the Euro-
pean Union, due to the emerging legislation and the grow-
ing societal demands, the requirements for the efficiency
of electrical equipment are constantly increasing. Follow-
ing this trend, the task of software engineers dealing with
the control of electric drives is to design the most effi-
cient software. Within the scope of the machine control, this
essentially includes the compensation of various IM drive

The associate editor coordinating the review of this manuscript and

approving it for publication was Alfeu J. Sguarezi Filho
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nonlinearities and deployment of control algorithms such as
maximum torque per ampere (MTPA). However, many of
the proposed efficiency-improving strategies are parameter-
dependent [1], [2].

The traditional and widely used circuit is the so-called
T-equivalent circuit which can be obtained using the space-
vector theory of electrical machines. Furthermore, the equiva-
lent circuit can be augmented to include the specific nonlinear
phenomena such as magnetizing flux or rotor leakage flux
saturation [4]-[7], iron losses [7], [8], or stray-load losses [9]
that are difficult to capture at the stage of the mathemat-
ical derivation of machine’s fundamental flux and voltage
equations.

To ensure an effective operation of IM drives in high-
demanding applications such as electric traction vehicles,
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precise decoupled control of the machine’s flux and torque
is needed. This demand goes hand in hand with the accurate
knowledge of the IM parameters [10]. Also, an appropri-
ate equivalent circuit that captures the most performance-
decisive phenomena must be selected to obtain relevant
results through the estimation algorithms.

For instance, although omitted in many papers, iron losses
undoubtedly affect the IM RFOC [8], [10]. One way to
respect the influence of iron losses is to add a fictitious
resistance either in parallel or in series with the magnetizing
branch [8]. Another phenomenon that is overlooked in many
papers is load-dependent saturation. Due to the complicated
distribution of the electromagnetic field inside the machine,
the magnetizing flux can also saturate as a consequence of
the load [11], especially if the rotor slots are skewed or
closed [4]-[6]. Since the accurate knowledge of the magne-
tizing inductance has a decisive influence on the performance
of the RFOC strategies, this nonlinear phenomenon should be
respected in high-efficiency drives.

So far, many methods for the online identification of
IM parameters have been proposed. These include recur-
sive least-square algorithms (RLS) [12]-[14], model refer-
ence adaptive systems (MRAS) [15]-[21], signal injection
(SD techniques [22]-[24], state observers (SO) [25]-[27],
and artificial intelligence (ANN) [28]-[30]. Typically, the
greater the estimation accuracy and independence from other
machine parameters, the greater the algorithm complexity,
which demands sufficient computational power of the used
hardware and the knowledge and experience of the imple-
mentation engineer. For example, methods based on MRAS
that are quite popular within electric drives offer the comfort
of ease of implementation but at the price of dependency on
other machine parameters.

This paper aims to present a novel MRAS-type estimator
for identifying both the no-load and load-dependent satura-
tion of IM that can respect the effect of the machine’s iron
losses. The main disadvantage of the MRAS schemes, i.e.,
the dependence on other machine’s parameters, can manifest
itself during the load operation because, at load conditions,
the rotor flux estimation depends on the rotor resistance [30].
This disadvantage is solved by utilizing a second, paral-
lelly operating MRAS estimator based on the machine’s
reactive power that is also augmented to respect the iron
losses.

The adaptation law of the magnetizing inductance MRAS
estimator is designed using the Lyapunov function approach.
Furthermore, a small-signal analysis is also presented to
assess the stability of the estimator with respect to the con-
troller gain selection. Simulations and experiments conducted
on a 3.6 kW IM drive are presented to verify the proposed
concept of magnetizing inductance identification.

Il. INDUCTION MACHINE EQUIVALENT CIRCUIT

In this paper, the so-called T-equivalent circuit with
included magnetizing flux saturation and equivalent iron loss
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resistance placed in parallel with the magnetizing induc-
tance [31] depicted in Fig. 1 is utilized for the mathematical
description of IM. In the figure, the symbols ’ £2 and
W represent the stator, rotor, and magnetizing flux linkage
space vectors, respectively, u; represents the stator voltage
space vector, iy, I, i, and i, represent the stator, rotor,
magnetizing, and equivalent iron loss current space vectors,
respectively, Ry, Ry, and Rpe denote the stator, rotor, and
equivalent iron loss resistance, respectively, wy is the electri-
cal angular speed of the general reference frame, w is the rotor
electrical angular speed, Ly, is the magnetizing inductance
and the symbol j represents an imaginary unit (> = —1).
A short-circuited rotor is considered; therefore, the rotor
voltage equals zero. The stator inductance L; is defined as
Ly = Ly + L1y, where L, is the stator leakage inductance
and the rotor inductance L, is defined as L, = Ly + Lys,
where Ly, is the rotor leakage inductance.

The superscript k denotes that the space vectors are
expressed in an arbitrary reference frame. The two specific
reference frames used in this paper are the stator-fixed (real
and imaginary axis denoted as o and B, respectively) and
rotor flux vector-attached (real and imaginary axis denoted
as d and g, respectively) reference frames.

R, Lig

Lk

Joy
P
=)

o

FIGURE 1. Induction machine T-equivalent circuit with included
magnetizing inductance variation and iron losses.

A. STATE-SPACE MODEL WITH INCLUDED IRON LOSSES
AND MAIN FLUX SATURATION

The full-order state space-model in the stationary a8 refer-
ence frame with the current space vector, magnetizing space
vector, and rotor space vector components as state variables
is given by [10], [31]

£ =AEt+Bv, (1)

where

a) 0 a, (2 a; 0/

0 a; 0 a, Ol as

Rre 0 da, 0 T 0
A = 4 Feo o e

0 Ree O 4 0 Tk )

0 7! 0 -7 —w

0 0 0 ! ® —!
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0 0 0 0 0 1 ’
0 0 1 0 0 0
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and where ©, = Lys/R2, Treo = L2o/Rre, d}f =
—(R1 +Rre) /L1, @y = L/(LigLnTres), a3 =
—1/(L1o TFeo ), a4 = _Llaa/z-

Considering Clarke’s transformation constant equal to 2/3,
the electromechanical torque can be expressed as

3 L |k (4 _
Te = EPPL_I; ‘ﬂz X (!1 - LFe) s ©)

where p,, is the number of pole-pairs, and the operator x
denotes cross product.

v = (Mla uig

B. ROTOR FLUX ESTIMATION

The two standard IM reduced-order models used within the
RFOC are the so-called current and voltage models. However,
conventionally, these two models are derived out of the equiv-
alent circuit with neglected iron losses. Therefore, in the
following subsections, improved models with included iron
losses will be presented.

1) CURRENT MODEL WITH INCLUDED IRON LOSSES

The model will be derived in an arbitrary reference frame.

According to Fig. 1, the rotor voltage equation and the rotor

flux linkage vector equation, respectively, can be expressed as
k

dyf
0 =Roly + =2 +ilon — 0¥, ()

VE = Laoth + Lty = Lot + L (i — i) . ®)
Substituting for the rotor current vector in (7) from (8) yields
after a few arrangements

k

dﬂz _ LRy ik

dr Ly -1
where g”]k = 1’1‘ - g”}ée. Considering the stator-fixed reference
frame (w; = 0), the model can be rewritten as

af
d£2 _ LmRZ l./aﬁ
dt Ly -1

Furthermore, choosing the rotor flux linkage vector-attached

reference frame, one can obtain the steady-state expression
for the rotor flux magnitude and slip frequency in the form

Ry )
- L—zz’; — j(op — )Yh, ©)

Ry .
— L—zggf‘ +joyl?. (10)

V2 = Lmi},, (11)
R, 1]
g = o2 lg (12)
Ly voa
where Vo = Yoy = MZ iy = ild — iFed, and

g
l1y = l1g = IFeq-
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2) VOLTAGE MODEL WITH INCLUDED IRON LOSSES

The model is almost exclusively used in the o8 reference
frame. According to Fig. 1, the stator flux linkage vector can
be expressed as

VA = Lol o Ly = Ll + L (B - i) (13)

Substituting for the rotor current vector in (8) from (13) and
considering the stator-fixed reference frame yields

L of of
=5 (v — Lioi®) + Lok, (4)
whereo =1— LI% /L1L, is the leakage factor. The stator flux
linkage vector is obtained as

Wb — /[ (u“ﬂ —R ""’3) dr (15)
e =), B 14y :

C. SENSITIVITY OF VOLTAGE MODEL TO MAGNETIZING
INDUCTANCE VARIATION

The evaluation of the stator flux linkage vector using (15)
is free of the magnetizing inductance. However, the mag-
netizing inductance appears in (14) when the stator flux
linkage vector is recalculated to the rotor flux linkage vector.
For convenience, new parameters containing the magnetizing
inductance-dependent terms are introduced as

==t (16)
LyoLm

Lin + Lo '

The percentage change of these parameters with respect to the

percentage deviation of the magnetization inductance ALp,
from its nominal value can be written as

¢ =Lo=Ly+ )

Loy ALn
Acp = —2027m 00, 18
T (100 + ALy (18)
L2 L. A
Acy = — 2o lmAlm -100.
(Lo Lm + LigL2) (100 + LinALp)
(19)

The dependencies Ac; = f(ALy) and Ac; =
f (ALp,) calculated using the nominal tested motor parame-
ters (Table 1) are shown in Fig. 2. The variation of AL, in the
range of tens of percent causes the variation of the parameter
only in the range of units of percent. Contrary to that, equa-
tion (11) states that if a steady-state is considered, then the
variation of the magnetizing inductance directly proportional
affects the output of the flux controller, i.e., d-axis current
command.

Ill. PROPOSED MRAS-BASED MAGNETIZING

INDUCTANCE ESTIMATOR WITH INCLUDED IRON LOSSES
The basic MRAS principle is that two mathematical mod-
els, the reference and adaptive, are evaluated parallelly. The
reference model does not depend on the estimated quan-
tity. On the contrary, the adaptive model utilizes directly or
indirectly the estimated quantity. An adaptation mechanism
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FIGURE 2. Percentage variation of the voltage model magnetizing

inductance-dependent parameters due to percentage deviation of the
magnetizing inductance from its nominal value.

(usually a simple PI controller) estimates the desired variable
by forcing the difference between the reference and adaptive
model to be zero. For the MRAS design, the Lyapunov theory
or hyperstability theory can be utilized [19]. In this paper,
the Lyapunov approach is adopted for the derivation of the
adaptation mechanism

A. ADAPTATION MECHANISM DERIVATION USING
LYAPUNOV THEORY
Let us consider a current model in the stationary reference
frame, which utilizes the estimated magnetizing inductance
i,m, ie.,
~O A
dwzﬂ LR, l./aﬁ

dr i, !

Ry ~ap . ~ap
- i—g‘;‘ Hoyr) (20)
2

where 1:2 = im + Lys. It is supposed that all the other
parameters are known.

The error vector, i.e., the difference between the estimated
and actual flux linkage space vector components, can be

defined as
€:<8a>:(1/f2a—lgza)’ @1
€p Yop — g
and its time derivative as
é=3<8“)=3<‘”2“_‘/12“). (22)
dr \ &g dr \ Y2 — ¥2p

By resolving (20) and (10) into their real and imaginary parts,
respectively, and substituting the result into (22), one can
obtain the error dynamics in the form

é=He - W, (23)
where
_R —w
H= Ly R |- (24)
@ L
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AALmRZ O ALIPRZLZU 0
— Lol 15Y5)
W= 0 AALmR2 0 ALTLZURZ
1%Y5) LyLy
Wza
|
Ja
llﬁ

(25)
and where ALy, = Ly — im.
Now, let us consider the Lyapunov function candi-
date [16], [32]

AL?
V=cle+ T‘“ (26)

and its time derivative

2ALy, dl
=2, (27)
s dt

V=gl (HT+H) e—e'W-WTe —

where § is a positive parameter.
By expanding the term containing the matrix H, it can be
verified that it is non-positive, i.e.,

K (HT+H> e = —2L—R22 (eg n e,_%,) <o0. (28)

The sufficient condition for the stability is that the remaining
term at least satisfy the condition [16], [32]

2ALy dLpy
mTm . 29
) dr (29

—eTW-WTe —
Substituting (24) and (25) into (29), the inductance estimate
time derivative can be expressed as

dL, SR . .

— = = 2 |:<90t (wZa +L20i/1a) + &g <w2,3 +L25i/1/3>] :
dt LoLy

(30)

Out of (30), the adaptation law in the form of an I controller
directly follows. In practice, a PI controller is used for better
dynamic performance [19], [32]. The resulting magnetizing
inductance MRAS-type estimator can be written as

t
b = Koy + Kiy [ e/de+ Loy, GD)

0
where L i) 18 the initial magnetizing inductance value and

g;ﬁ = &4 (x@m + L20i’]a) + &g (lﬁzﬁ + LZGi/lﬁ) . (32)

Due to the low sensitivity to magnetizing inductance vari-
ation, the voltage model (equations (14) and (15)) is selected
as the reference model, and the current model (equation (20))
is selected as the adaptive model. The block diagram of the
proposed estimator is depicted in Fig. 3.
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FIGURE 3. MRAS for magnetizing inductance estimation with the
included effect of iron losses.

B. SMALL SIGNAL ANALYSIS

The stability with respect to the adaptive controller gain con-
stants can be investigated using the linearization approach,
which permits the system analysis via transfer functions [33].
For this purpose, a state-space model with the rotor flux link-
age space vector and stator current space vector components
is utilized. However, to obtain mathematically reasonable
expressions, several simplifications and modifications must
be adopted, namely:

o For the small-signal analysis, the equations must be
transformed to a rotor flux-attached dg reference
frame [33].

« Initially, the perfect flux orientation (zero g axis compo-
nent) is considered for both the reference and adaptive
model.

o The rotor flux linkage vector components from the adap-
tive model are considered ideal and constant.

o The analysis neglects iron losses since the state-
space models with iron losses are mathematically more
complicated.

o The influence of the dynamic inductances in the state-
space model is neglected.

The full-order IM state-space model is considered in the
form [18]

X = Ax + Bu, (33)
y = Cx, (34)
where
ai ws a azw
| mwa a1 —azw
A= as 0 as wg |’ (35)
0 as —wg] as
] T
B=( ] ©o 20 (36)
= 1 ,
Lo 0 0 O
1 0 O
C= (O 1 0 O) ’ (37)

vag)' (38)
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wg)' (39)
ig)" (40)
and where ay = —(R\L3+L2R))/(0cLiLy), a» =
(LmR2) /(0LiL3), a3 = Liy/(0LiLy), as = (LmR>) /Lo,

as = —R» /L, and wy is the synchronous speed.
Linearizing (33) and (34) around the operating point Xg =

o T .
(i140 140 Y240 V240 ) and Ling yields

u = (uld

y = (ia

AX = AA1 Xy + AAX + ABpu, 41
Ay = CAXx, (42)
where Ax = x — xg and
ad

AAL = | —A ) ALy, 43
L (3Lm ) m ( )
ABp = 9 B) AL (44)

L — 3Lm m>

where ALy, = Ly — Lmo. After performing Laplace trans-
form, (42) can be rewritten with the help of (41) as

Ay = (22‘;) =C(sI—A)"' (AALXo + ABLu), (45)
where s is the Laplace operator, Ai1g = i1g — i140, Ailg =
i1g — i140, and I is the identity matrix. Equation (45) can be
utilized to obtain the expressions for Aijy and Aij, (used
further in the section).

The error equation (32) with neglected iron losses trans-
formed into dq reference frame takes the form

d o . N .
8,/,q =¢&q (Wzd + L2011d> +ey (qu + Lzallq> . (46)

Now, (46) must be linearized around an operating point 1/}2d(),
Iﬂzqo, Y240, WZqO, i140, i140- Under the above assumptions it

follows that 240 = Y240 = Y2a, Y2g0 = Y2g0 = V2g = 0.
The linearized error equation can be then expressed as

ASV, <L2<7i 1d0 + lﬁzdo) AV, 47

where AYog = Y2q — Y240

Transforming the current model (9) into the dg reference
frame, neglecting the iron losses, and using the slip speed
equation (12), the model now becomes

dq
d£2 LmRZ dq Ry dg _

dr Ly I, 4 Ly zz

LnRy i
T2 My da - (48)
Ly Yoq—
Linearizing (48) around the operating point 1@2010, 1@2,10, 140,
i140, and Ly, separating the result into the real and imaginary
part, respectively, and performing the Laplace transform, (48)
can be rewritten as

o RyLo LoRoi10  ~
Ayrags = N —Alﬁzd + T Ay,
Lrovraao
Ry (L2alld() + Wzdo)
+ 2 ALmv (49)
Ly,
. R -
Arags = —L—A%q, (50
20
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dq
G, (5) Ag, G (s)
(51) (52)

FIGURE 4. A block diagram of the linearized Lm-MRAS.

where Lyg = Lo + Lps. The error transfer function can be
written as

dq A
Ag . ~ o\ Ay
Ge ) = =7 = (Lawitao + da0) 724 6D
m

Resolving AlﬁZd out of (49) and (50), substituting the result
into (51) and also using (45) to substitute for the newly
formed expression Ai1y/ALp, the final error transfer func-
tion can be obtained. Due to its complexity, this equation is
not explicitly stated in the paper.
The adaptive PI controller transfer function is considered
in the form
Ky
P

Gpr (5) = Kpy + (52)

Therefore, the closed-loop transfer function of the whole
estimator can be written as

Gpi () Ge (5)
1+ Gpi (5) Ge (5)

The block diagram of the linearized estimator is depicted
in Fig. 4. Fig. 5 and Fig. 6 show the root locus of (53)
for nominal parameters, nominal excitation, and a nominal
load of the IM utilized in the simulations and experiments
(nameplate values and model parameters given in Table 1).
Fig. 5 for the case when Kpy = 1 and Kjy changes within
(0, 300), and Fig. 6 for the case when Kp = 0 and K7 changes
again within (0, 300). In all these cases, the estimator remains
stable.

Furthermore, (53) can also be used for the design of the
adaptive controller gain constants. However, given the num-
ber of adopted simplifications and the fact that linearization
is valid only around a specific operating point, the obtained
results should be considered only as starting values that must
be carefully adjusted.

Ge (s) = (53)

C. SENSITIVITY TO ROTOR RESISTANCE VARIATION
Unfortunately, the proposed Lm-MRAS is sensitive to the
rotor resistance variation. The sensitivity function can be
obtained using a similar procedure to the one described in
the previous section.

According to Fig. 4, the expression for ALy can be
obtained as

K
ALy = — (pr 4 ﬂ) Acy. (54)
s
The sensitivity function can be then expressed as
AL Ky . ~ A&Zd
= (Key ) (L ) . (55
AR ( Py + . 201140 + Y240 AR, (55)
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FIGURE 5. Root locus of the linearized L,;; MRAS-type estimator,

Kpy =1 and K}, changes from 0 to 300; nominal excitation and speed,
half of the nominal load torque. Crosses, dots, and circles represent the
roots for the starting value, value in the middle of the interval, and value
in infinity, respectively.
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FIGURE 6. Root locus of the linearized L,;; MRAS-type estimator,

KPw = 0 and K;,, changes from 0 to 300; nominal excitation and speed,
half of the nominal load torque. Crosses, dots, and circles represent the
roots for the starting value, value in the middle of the interval, and value
in infinity, respectively.

Using (48), the expressions for Avng can be obtained
similarly as in the previous section. However, this time
the linearization is performed around the operating point
I/}Zdo, 1/;2,1(), 0140, 140, Lmo, and Ryo. To substitute for the
newly formed expression Aijz/AR>, state-space model (33)
and (34) is linearized around the operating point xop =
(ildo i190 Y240 Y240 )T and Ryq. The resulting expression for
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the output vector is

Ay = (A’.‘d) =C(I—A)"" AAgxo, (56)
Ay
where
d
AAR = | —A ) AR>. 57
R <3R2 ) 2 (57

After these operations, the resulting sensitivity function can
be obtained. Fig. 7 shows the step response of the sensitivity
function to the 10 % decrease in the rotor resistance. The
PI controller parameters are selected as Kpy = 0.01 and
K1y = 1. Nominal excitation, speed, and load torque are
considered.

0.006

0.005

0.0041

0.003¢

ALy, (H)

0.002}
0.001

0.000
0.0 0.5 1.0 1.5 2.0

time (s)

FIGURE 7. Step response of the rotor resistance sensitivity function to
10% decrease in the rotor resistance, Kp,, = 0.01 and K;,, = 1. Nominal
excitation, speed, and load torque.

IV. MEASUREMENT, MODELLING, AND COMPENSATION
OF IRON LOSSES

Considering arbitrary reference frame, the equivalent iron
loss current can be expressed according to Fig. 1 as

k ”ﬁl
o — , 58
lFe RFe ( )

where gfn is the voltage across the magnetizing (parallel)
branch.

Considering Clarke’s transformation constant equal to 2/3,
the power dissipated in the iron core is given by

3 _
Pre = 59 {gfni]];e} , (59)

<k . .
where i, denotes the complex conjugate of the equivalent
iron loss current. Substituting (58) into (59), the iron loss
resistance can be expressed as

3 u?
Rpe = = 2. (60)
2 Ppe
Substituting (60) into (58) and considering the stationary
reference, the iron loss current is obtained as

) 2 uaﬁ
= §PFe;m_zm' (61)
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The voltage across the magnetizing branch can be
expressed in case of a steady-state operation and sinusoidal

supply as
ull = u? — Rt — jo,Lio 15’ (62)

The measurement of iron losses and their implementa-
tion into the control algorithm will be discussed in the next
section.

A. MEASUREMENT AND MODEL FITTING
The iron losses can be obtained by a series of no-load tests
at various fundamental supply frequencies. The separation
procedure based on the IEC standard can then be used for
the loss calculation [34]. For the measurement, the inverter
is programmed to generate a fundamental voltage at a given
frequency and magnitude that corresponds to the reference
stator flux linkage vector magnitude (obtained from the volt-
age model).

Out of the measured input power Pj,, the iron losses are
calculated as

Pre = P — Pry, (63)
where P are the constant losses defined as
PCZPO_PS,Os (64)

where Py is the fundamental component of the input no-
load power, Ps o are the stator copper losses calculated from
the known value of the stator resistance and measured RMS
current, and Py, are the friction and windage losses, i.e., the
mechanical losses.

The mechanical losses are calculated from four or more
constant loss points between 30 % and 60 % of the rated
motor stator flux by developing a curve against no-load volt-
age squared and then performing linear extrapolation to zero
voltage [34]. The intersection of the extrapolation line with
the vertical axis then corresponds to the mechanical losses.

For the iron loss modeling, the following analytical func-
tion is adopted [7]

_ PR vy

Pg
¢ RFeO

(65)
where f; is the fundamental supply frequency and «, n and
Rreo are the model parameters. The measured iron losses
are then fitted to the model using Wolfram Mathematica’s
command NMinimize with the RandomSearch option. The
minimization is performed on a sum of squares of the error.
The fitted dependence of the iron losses on the stator flux
linkage vector magnitude and fundamental supply frequency
is depicted in Fig. 8. The found model parameters are pre-
sented in the figure caption.

The iron losses are also a function of the slip [9]. If more
precise results are required, an appropriate model considering
the slip dependence can be used.
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FIGURE 8. Iron losses as a function of fundamental supply frequency and
stator flux linkage vector amplitude. The fitted model parameters are
Rpeo =277,k = 460, n = 1.77.

B. REAL-TIME COMPENSATION
In the control algorithm, the iron losses are calculated based
on the estimated synchronous frequency and stator flux link-
age vector amplitude. The synchronous frequency is obtained
using the measured rotor speed and estimated slip speed
(equation (12)), and the stator flux amplitude is calculated
using the voltage model (equation (15)).

The resulting block diagram of the proposed FOC is
depicted in Fig. 9.

v w, ¥
TIMITING L a4 o rewm ] i
AND / voltage<‘—’
DECOUPLING [— 043—*> comp. | j,
: mg 1 g Wil

! 3 1)
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Zzﬁ MODEL q.gf Q
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I[aﬂ " {}_T
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SYNCHRONOUS [+—
MODEL IN ! Ly MRAS L l FREQUENCY
af Q-MRAS ESTIMATION <l—
*a with & lq
Uy | modified Kl.,m’— R> o
> integrator Fe .idq l'aﬂ
? ‘Fe» “Fe g *dg
Lnou

FIGURE 9. Block diagram of the proposed field-oriented control with the
iron losses, magnetizing inductance, and rotor resistance compensation.

V. SELECTED IMPLEMENTATION ISSUES
A few problems arise during the practical implementation
of the FOC along with the presented estimation algorithms.
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The two most important ones — DC offset accumulation prob-
lem during pure integration and inverter voltage distortion
will be discussed in the following sections.

A. VOLTAGE MODEL — DC OFFSET ACCUMULATION IN
CASE OF PURE INTEGRATION

First, it is not possible to use a pure integrator for the volt-
age model (eq. (15)) evaluation because of the unknown
initial conditions and DC offset accumulation problem [35].
However, an advanced modified integrator based on the cur-
rent model depicted in Fig. 10 can be used since the current
model is also implemented in the control algorithm. The main
drawback of this type of integrator is that it utilizes another PI
controller, for which no satisfactory gain design method has
been proposed yet. Therefore, before drive commissioning,
the controller should be tuned adequately in the simulation
model.

of

_g\
®
3

IS
v

a CURRENT MODEL
V, 2V, (14) E]
‘afp ‘afp
Yy af i i
¥ ap) | [+
d

FIGURE 10. Current model-based modified integrator with the DC offset
elimination.

B. INVERTER OUTPUT VOLTAGE DISTORTION

Another major issue that impairs the performance of all the
advanced AC drive control strategies, if not accounted for,
is the distortion of the inverter output voltage [36]. The
primary sources of the voltage distortion are the inserted
dead-time and the delayed load current-dependent transistor
switching. It is assumed that the most common space-vector
modulation (SVM) with a constant switching period Tpwm
is used. The resulting effective dead-time that needs to be
compensated is defined as [37]

Tefr (ix) = Tae + Ton (ix) — Tott (ix) x =a,b,c, (66)

where Ty is the dead-time inserted by the microcontroller
or driver, Toy (iy) is the current-dependent turn-on delay,
Totr (iy) s the current-dependent turn-off delay and symbols
a, b, c denote the respective inverter leg.

The compensation characteristics in the form of the depen-
dence of the so-called effective dead-time on the load current
can be easily determined by direct measurement [37]. In the
control algorithm, a look-up table can be used for the effective
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dead-time compensation, or it is possible to fit the measured
data using the function

N
T n,
ki lix] + k2

where ki, kp, m, n are parameters to be determined.

The most convenient way is to compensate the output
duty-cycle from the modulator [37]. Within SVM, the duty-
cycle d, for each VSI leg is defined in such a way that the
average value of the corresponding inverter line-to-neutral
voltage u,o per modulation period with respect to given
DC-link voltage Upc equals to —Upc/2 if d, = 0 and
+Upc/2 if dy = 1. The relation between the reference d
and the compensated duty cycle d;, then takes the following
form [37]

Tegr (ix) = (67)

T.
L= T

sgn(iy) x=a,b,c. (68)
VI. Q-MRAS FOR ROTOR RESISTANCE ESTIMATION,
LOAD-DEPENDENT SATURATION
As mentioned in the Introduction, the IM magnetizing induc-
tance may also depend on the load. Theoretically, the pro-
posed Lm-MRAS with included iron losses should be capable
of estimating this type of saturation. However, as shown in
section III. C., another parameter that affects the accuracy
of the current model and, consequently, the performance
of the RFOC during the load conditions is the rotor resis-
tance. Therefore, rotor resistance adaptation could improve
the identification process. For this purpose, the traditional and
widely used reactive power MRAS (Q-MRAS) can be uti-
lized. In this paper, this type of estimator will be augmented to
include the iron loss effect to improve the estimation accuracy
further.

The reference model is given by [19]

dq=dq . .
0=3 {gl 0 } = Uigitg — U1dilg, (69)

~d . .
where llq denotes the conjugated current space vector. Using
(14) transformed into dg reference frame, the stator flux
linkage vector can be obtained as

. Ly Ly .dq

L d
Yl = L_‘;‘ﬂ‘f +Lioiy! L ire (70)

The stator voltage equation in the dg reference frame can be
written as

d
dy
dr

+ jos . (71)

By substituting (70) into (71) and considering the steady-state
operation, we obtain

dqg dg | . Ly d .dq Lys L .dq
u =Rl + jos (L_2£2q +Lioi;" — L, i | -(72)

Separating (72) into the real and imaginary parts, respec-
tively, while considering that ¥y = Lm (i1g — iFeq) and
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Y24 = 0, the adaptive model is finally obtained as

L 2 . .
+ L (Lmlla' — Laipeqita — LzolFeqllq) . (73)

The synchronous speed is obtained as the sum of the mea-
sured speed and estimated slip speed.

The error for the rotor resistance adaptation mechanism is
calculated as

g0 =0—0. (74)

The estimated rotor resistance is then the output of the PI
controller, i.e.,

t
Ry = Kypeo + Kig / £0dt + Rainit), (75)
0

where Ro(inir) 1S the initial rotor resistance. The block diagram
of the Q-MRAS estimator with included iron loss effect is
presented in Fig. 11.

The stability analysis of the parallel operation of the
Lm-MRAS and Q-MRAS represents a complex task. Gener-
ally, no satisfactory approach to investigating multiple simul-
taneous MRAS-type estimators’ stability within FOC has
been proposed yet. The analysis is usually omitted or greatly
simplified [17].

VII. SIMULATION RESULTS

The simulation model was built in MATLAB/Simulink ver-
sion 2021a. The simulated machine nameplate values and
nominal model parameters are given in Table 1. The block
diagram of the control algorithm agrees with Fig. 9. The
selected model solver is ode4 with a fixed-step size equal
to 5 ps. The machine is modeled using the full-order
state-space model with the iron loss effect presented in
section II. A. The iron losses are calculated using (65) fitted
to the measured data.

To eliminate the effect of numerical errors and the effect
of the pulse voltage (i.e., the effect of the inverter) on the
estimator accuracy, the model of FOC is implemented using
the same solver and fixed-step size as in the case of the IM
model. The stator flux linkage vector magnitude and the slip
speed for the iron loss compensation (utilizing (65) again) are
calculated using the voltage model (15) and the slip speed
equation (12), respectively.

To assess the functionality of the proposed estimator, the
following sequence is simulated:

o The magnetizing inductance in the FOC model is set to
110 % of the nominal value. All other parameters are
exact.

o The reference flux is set to the nominal value.

o The machine is started at 0.1 s to half of the nominal
speed. The reference speed is increased to the nominal
value at 4 s.
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o Magnetizing turned
onat 1s.

« Initially, the machine is unloaded. The load is increased
to half of the nominal torque and nominal torque at 2 s
and 3 s, respectively. Furthermore, the load is decreased
to half of the nominal torque and zero torque at 5 s and

6 s, respectively.

inductance compensation is

The time sequence of the step changes of the reference
speed and torque is depicted in Fig. 12. The Lm-MRAS PI
controller proportional and integral gains are set to 0.01 and 1,
respectively. The resulting magnetizing inductance estimates
are depicted in Fig. 13 and Fig. 14. In Fig. 13, the iron losses
are compensated, and in Fig. 14, the compensation is inactive.

u
= REFERENCE |
MODEL
a7 af —> dq (69) _l
1
i
L " é0
4 ~ ADAPTIVE MODEL
lpe ———»
« (73) 2
—~{ e | &, .
> (20) CONTROLLER
R, (init)T
FIGURE 11. Modified reactive power MRAS for rotor resistance
estimation.
TABLE 1. Induction machine nameplate data and nominal model
parameters.
Nameplate Data Model Parameters
Nominal power 3.6 kW Stator resistance 1.688 Q
Nominal voltage 380V Rotor Resistance 3.685Q
Nominal current 11.5A Stator leakage 0.0139 H
inductance
Nominal speed 935 min!  Rotor leakage 0.0139 H
inductance
Number of poles 6 Magnetlzmg 0.175H
inductance
Winding connection Y Iron core resistance 520 Q

In the iron loss compensation case, the estimated induc-
tance converges to the actual value and is almost unaffected
by the speed and torque change. However, if the iron losses
are not compensated, the estimated inductance differs from
the actual value. The difference is the lowest during the no-
load conditions and further increases with the load. This
confirms the results of earlier works where it was found that
the error in rotor flux can have an increasing tendency with
respect to the load then reach a maximum value to start further
descending with increasing load [10].

Another simulation sequence was designed to test the abil-
ity of the estimator to track the change of the magnetizing
inductance with the load:

VOLUME 9, 2021

« The magnetizing inductance in the FOC model is set to
110 % of the nominal value to simulate the parameter
detuning. All other parameters are exact.

o The reference flux is set to the nominal value.

o The machine is started at 0.1 s to the nominal speed.

o Magnetizing inductance compensation is turned on
at 1s.

o At2s, the load torque starts to increase from zero to half
of the nominal value linearly.

o The magnetizing inductance inside the IM model is
modeled to decrease with the torque (also linearly).

The integral gain of the estimator is increased five times for
better tracking performance which causes an overshoot at the
beginning of the estimation process. The results are depicted
in Fig. 14 and Fig. 16. In Fig. 15, the iron losses are compen-
sated, and in Fig. 16, the compensation is inactive. In the case
of the compensated iron losses, the estimator can track the
change of the magnetizing inductance with the load almost
perfectly. However, if the iron losses are not compensated,
the estimator is able to monitor the monotonically decreasing
trend, but the estimated value differs from the actual one. The
difference is then increasing as the function of the increased
torque.

The third simulation sequence tested the performance of
the parallel operation of Q-MRAS and Lm-MRAS.

e The FOC model’s magnetizing inductance and rotor
resistance are set to 110 % and 120 %, respectively,
of their nominal values to simulate the parameter detun-
ing. All other parameters are exact.

o The reference flux is set to the nominal value.

o The machine is started at 0.1 s to the nominal speed.

« Half of the nominal load torque is applied at 1 s.

e Magnetizing inductance compensation is
onat2s.

« Rotor resistance compensation is turned on at 4 s.

turned

The Q-MRAS PI controller proportional and integral gains
are set to 0.0001 and 0.03, respectively. The resulting magne-
tizing inductance and rotor resistance estimates are presented
in Fig. 17 and Fig. 18. In Fig. 17, the iron losses are com-
pensated, and in Fig. 18, the compensation is inactive. The
results show that the rotor resistance detuning significantly
influences the Lm-MRAS under load conditions. However,
parallel operation with the Q-MRAS ensures that both the
magnetizing inductance and rotor resistance are compensated
correctly if the improved version with the iron losses is
used. Again, the estimates are incorrect if the iron loss com-
pensation is inactive, although both estimators successfully
converge.

The last simulation sequence tested Lm-MRAS perfor-
mance in a regenerative mode and during speed reversal.

o The magnetizing inductance in the FOC model is set to
110 % of the nominal value. All other parameters are
exact.

o The reference flux is set to the nominal value.
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FIGURE 12. The simulated sequence of reference torque (solid) and
speed (dashed).

o The machine is started at 0.1 s to the nominal speed. The
sign of the reference speed is inverted, i.e., the drive is
reversed at 4 s.

o Magnetizing
onatls.

« Initially, the machine is unloaded. The load is increased
to half of the nominal torque in a regenerative mode
at 2 s. The machine is then unloaded at 3 s. At 5 s,
the load increases to half of the nominal torque in a
regenerative mode and decreases to zero at 5 s. Then, the
machine is unloaded, and the load torque is increased to
half of the nominal torque in a motoring mode at 7 s.

inductance compensation is turned

The time sequence of the step changes of the reference
speed and torque is depicted in Fig. 19. The resulting mag-
netizing inductance estimates are depicted in Fig. 20 and
Fig. 21. In Fig. 20, the iron losses are compensated, and in
Fig. 21, the compensation is inactive. Overall, the simulation
sequence confirms the ability of Lm-MRAS to estimate the
magnetizing inductance in a four-quadrant operation of the
drive. When the iron losses are compensated, slight variations
in the estimated inductance value appear during the speed
reversal. The variations during the change of the load are
negligible. However, if the iron losses are not accounted for,
the variation of the inductance increases, and the estimator
operates with an error that depends on the loading of the
machine.

VIIl. EXPERIMENTAL RESULTS
The proposed Lm-MRAS estimator was also tested experi-
mentally. The whole control algorithm was programmed in
C language into Texas Instruments TMS320F28335 digital
signal processor with the CPU clock set to 150 MHz. The
calculation loop of the FOC is tied to the PWM frequency,
which is selected to be 8 kHz. The data were sampled with
a 400 us period. The IM drive was loaded by an 8 kW DC
motor supplied from a Siemens SINAMICS DCM converter.
The experimental machine setup is depicted in Fig. 22.

For the motor current and DC-link voltage measurements,
LEM LF 205-S with four conductor turns and LEM LV25-P,
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FIGURE 13. Estimated (blue) and actual (orange) magnetizing inductance
during the step changes of speed and load; iron losses compensated.
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FIGURE 14. Estimated (blue) and actual (orange) magnetizing inductance
during the step changes of speed and load; iron losses not compensated.
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FIGURE 15. Estimated (blue) and actual (orange) magnetizing inductance.

The magnetizing inductance in the motor model decreases as a function
of torque; iron losses compensated.

respectively, were used along with our custom signal adjust-
ment board. The board performs LEM output scaling via op-
amp circuitry. All ADC conversions are synchronized with
PWM and regularly triggered with a modulation period of
125 wus. As the machine supply converter, a standard three-
phase two-level voltage-source inverter was utilized. The
inverter is supplied from a diode rectifier that is connected
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FIGURE 16. Estimated (blue) and actual (orange) magnetizing inductance.
The magnetizing inductance in the motor model decreases as a function
of torque; iron losses not compensated.

o19f  [TTTTTTR 144

i 0.17f \ I'. /——
£ ' 14.0

R (Q)

0.16 \ /
0.i5 \\ / 138
0.14f I R o
413.6
0 2 4 6 8

time (s)

FIGURE 17. Parallel operation of Q-MRAS and Lm-MRAS. Estimated
values (blue) and actual values (orange) of the magnetizing inductance
(solid) and rotor resistance (dashed). Iron losses compensated. The load
is applied at 1 s, Lm-MRAS is started at 2 s, and Q-MRAS is started at 4 s.
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FIGURE 18. Parallel operation of Q-MRAS and Lm-MRAS. Estimated
values (blue) and actual values (orange) of the magnetizing inductance
(solid) and rotor resistance (dashed). Iron losses are not compensated.
The load is applied at 1 s, Lm-MRAS is started at 2 s, and Q-MRAS is
started at 4 s.

to a 400 V, 50 Hz AC grid. The rotor speed was measured
using a LARM incremental encoder with 2500 pulses per
revolution. The encoder output is scaled using the same signal
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FIGURE 19. The simulated sequence of reference torque (solid) and
speed (dashed) for a regenerative mode and speed reversal.
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FIGURE 20. Estimated (blue) and actual (orange) magnetizing inductance
for a regenerative mode and speed reversal; iron losses compensated.
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FIGURE 21. Estimated (blue) and actual (orange) magnetizing inductance
for a regenerative mode and speed reversal; iron losses not compensated.

adjustment board and processed by the eQEP module of the
TMS320F28335 DSP.

First, the no-load magnetizing characteristics in the form of
the dependence of the magnetizing flux on the magnetizing
current (i.e., i, = f (im)) was measured during a no-load test
from a 50 Hz supply with variable voltage amplitude. Because
the utilized IM is a slip-ring type, the rotor winding was left
open to rule out the influence of the rotor branch entirely.
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FIGURE 23. No-load magnetizing characteristics in the form ym = f (im)
obtained from the modified no-load test (blue) and Lm-MRAS (orange).
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FIGURE 24. Measured « (blue) and 8 (orange) components of the stator
current and estimated « (green) and g8 (red) components of the stator
current. Nominal speed and rotor flux, half of the nominal load torque,
iron loss compensation only.

To compare the no-load test results with the proposed Lm-
MRAS, the unloaded drive was then connected to the inverter.
To ensure a similar fundamental voltage frequency as during
the no-load test, the reference speed was set to 104 rad-s~L.
Under the no-load conditions, the rotor current is close to
zero, i.e., i ~ 0 which, according to (8), means that the
magnetizing flux is almost identical with the rotor flux, i.e.,
Ym =& ¥». Under these assumptions it is easy to obtain the
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FIGURE 25. Measured « (blue) and 8 (orange) components of the stator
current and estimated « (green) and B (red) components of the stator
current. Nominal speed and rotor flux, half of the nominal load torque,
iron loss and rotor resistance compensation.
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FIGURE 26. Measured o (blue) and 8 (orange) components of the stator
current and estimated « (green) and 8 (red) components of the stator
current. Nominal speed and rotor flux, half of the nominal load torque,
iron loss, rotor resistance, and magnetizing inductance compensation.

magnetizing characteristics in the form ¥, = f (im). The
resulting comparison is depicted in Fig. 23. Out of the figure,
it is evident that both the magnetizing characteristics are in
excellent agreement.

To validate the performance of the parallel estimation of
the magnetizing inductance and rotor resistance, the reference
flux and speed were set to their nominal values and the load
torque to half of the nominal value. Then, the actual and esti-
mated o8 current components were measured and calculated,
respectively. The estimated currents were obtained using the
current equation of the state-space model (33) transformed
into af. The rotor flux vector components for the current
estimator were obtained using (10).

The data were recorded for multiple cases. In all of
them, the iron loss compensation was active. Also, between
the measurements, the machine was stopped to cool back
to ambient temperature. Fig. 24 shows the case when the
Lm-MRAS was turned on at the beginning during the no-
load operation to obtain the no-load value of the magne-
tizing inductance. Then the Lm-MRAS was deactivated,
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and the drive was loaded with half of the nominal torque.
Fig. 25 shows a similar case with the difference that
only the rotor resistance compensation was active. Finally,
Fig. 26 shows the case when both the magnetizing inductance
and rotor resistance estimation were active.

Interestingly, the worst case is obtained when only the
rotor resistance compensation is active. The incorrect value
of the magnetizing inductance influences the Q-MRAS per-
formance, leading to incorrectly estimated rotor resistance.
If neither the magnetizing inductance nor the rotor resistance
compensation is active, the results are better. However, it is
expected that the resulting estimates would be worse after
a long-time loading when the rotor temperature would be
increased. The best match between the current components
is obtained if all the compensations are active, indicating the
correct estimation of the parameters.

IX. CONCLUSION

This paper presented a novel MRAS-type estimator with the
included effect of iron losses and load. Despite the drawback
that the reference model is not entirely free of the magnetizing
inductance, the simulation and experimental results proved
its ability to estimate the conventional and load-dependent
magnetizing inductance saturation correctly. Furthermore,
the estimator operation during load conditions was improved
by introducing a simultaneously working reactive power
MRAS with the included iron losses for the rotor resistance
adaptation. It was found out that the influence of the iron
losses on the accuracy of both parameters estimation becomes
significant at higher loads.

Still, a few issues connected with the proposed estimation
schemes should be acknowledged. First, it is assumed that the
stator resistance and stator and rotor leakage inductance are
known accurately. The stator resistance can be easily mea-
sured and corrected during the drive operation, but the leak-
age inductances cannot be measured directly. Furthermore,
the rotor leakage inductance can also saturate as the function
of the rotor current. One possibility of overcoming these
problems would be adding a leakage inductance estimation
through signal injection or recursive least-square methods.

Secondly, the iron losses were measured during the no-
load operation. However, the iron losses are also dependent
on the slip due to the different mutual speeds of the rotating
magnetic field (fundamental component) and rotor. Further-
more, additional losses are present in the machine during load
conditions. Therefore, the models and the estimates could
be improved using a more sophisticated induction motor
equivalent circuit.

Lastly, as mentioned in the beginning, the reference model
is not free of magnetizing inductance. At this time, the authors
are working on an improved estimator that eliminates this
problem.
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3.4 Paper 4: Influence of Selected Non-ldeal Aspects on Active
and Reactive Power MRAS for Stator and Rotor Resistance
Estimation

3.4.1 Motivation

The paper presented in this section can be viewed as an accompanying article to the other author’s
publications. The problem with the MRAS based estimators presented in the literature is that
many non-ideal aspects are neglected during the estimator derivation, calculation, or
implementation stage.

First, as already mentioned several times, the papers in the literature usually do not consider
the effect of the machine’s iron losses or additional (stray-load) losses. Secondly, many of the
presented algorithms require stator voltage vector knowledge. However, the influence of a proper
voltage compensation on the resulting estimated quantity is also usually not examined. Lastly, the
algorithms are derived and presented in the continuous-time domain. However, in reality, the
algorithms have to be implemented on a microcontroller, meaning that the accuracy of the MRAS
estimators and the whole FOC algorithm will depend on the sampling time and used discretization
or numerical method.

The paper presents only simulation results based on the MATLAB/Simulink environment.
The reason is that on a real drive, the individual negative phenomena mentioned above cannot be
easily decoupled from each other and also from the additional imperfections present on the actual
drive. Furthermore, the paper was intended for publication in a special issue, "Modeling and
Simulation of Power Systems and Power Electronics."

I 3.4.2 Main Contribution and Results
To sum up the contribution and main results of the paper:
= Forthe simulation results, a complex model of the IM drive with the possibility of modeling
the iron losses, inverter nonlinearity, and effect discretization was built in
MATLAB/Simulink.

=  The paper gives clear and comprehensive guidelines to various IM nonlinearities
measurement, modeling, and implementation.

=  Improved IM current and voltage models with the included effect of iron losses are
presented.

= Improved P-MRAS and Q-MRAS estimators for the stator and rotor resistance
identification, respectively, are presented.

= The effect of sampling time, discretization, and numerical method selection is examined.

I 3.4.3 Discussion and Suggestions for Future Work
The state-space model of the machine with the included effect of iron losses for simulation of the
actual machine is based on the T-equivalent circuit with the iron loss resistance placed in parallel
with the magnetizing branch. This equivalent circuit cannot model the rotor iron losses and
additional (stray-load) losses due to the slip. Therefore, a suitable topic for future research would
be to augment the simulation model with the possibility of modeling also these types of losses.

Also, in some situations, a voltage drop may also play a not negligible role in the voltage
distortion, as discussed in section 3.1. Therefore, the nonlinear inverter model could also be
brought closer to reality by implementing the possibility of simulating the voltage distortion
caused by the voltage drop across the semiconductor devices.

Another interesting topic for future research based on simulations would be a more thorough
examination of multiple different methods for the solution of the differential equations of the IM.
The analysis would be interesting from the point of view of the resulting approximation and the
point of view of the computational burden. The topic of numerical mathematics is vast and
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complex, and since the motor control algorithms are implemented on the DSP or
field-programmable gate array (FPGA), the utilized numerical algorithms definitely influence the
overall drive performance.

Lastly, it is worth mentioning for completeness that the inverter model was also based on the
new IGBT modules, as in the case of the previous paper.
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Abstract: Mathematical models of induction motor (IM) used in direct field-oriented control (DFOC)
strategies are characterized by parametrization resulting from the IM equivalent circuit and model-
type selection. The parameter inaccuracy causes DFOC detuning, which deteriorates the drive
performance. Therefore, many methods for parameter adaptation were developed in the literature.
One class of algorithms, popular due to their simplicity, includes estimators based on the model
reference adaptive system (MRAS). Their main disadvantage is the dependence on other machines’
parameters. However, although typically not considered in the respective literature, there are other
aspects that impair the performance of the MRAS estimators. These include, but are not limited to,
the nonlinear phenomenon of iron losses, the effect of necessary discretization of the algorithms and
selection of the sampling time, and the influence of the supply inverter nonlinear behavior. Therefore,
this paper aims to study the effect of the above-mentioned negative aspects on the performance
of selected MRAS estimators: active and reactive power MRAS for the stator and rotor resistance
estimation. Furthermore, improved reduced-order models and MRAS estimators that consider the
iron loss phenomenon are also presented to examine the iron loss influence. Another merit of this
paper is that it shows clearly and in one place how DFOC, with the included effect of iron losses and
inverter nonlinearities, can be modeled using simulation tools. The modeling of the IM and DFOC
takes place in MATLAB/Simulink environment.

Keywords: induction motor modeling; iron losses; MRAS; numerical methods; inverter nonlinearity

1. Introduction

Mathematical models of the induction motor (IM) are needed for two purposes: the
modeling of the machine itself and for the real-time high-performance control strategies,
among which we can include field-oriented control (FOC), direct torque control (DTC),
and model predictive control (MPC) [1]. The set of the parameters utilized by the math-
ematical models is defined by the IM equivalent circuit selection and model type [2—4].
The key parameters in the traditional T-equivalent circuit are the stator and rotor resis-
tances, leakage inductances, and magnetizing inductance. Unfortunately, these parameters
are not constant during the drive operation since they are affected mainly by the tem-
perature rise and magnetic flux saturation [5]. For instance, the nonlinear magnetizing
characteristics can be respected within the control algorithm using offline-measured data.
However, the compensation of the resistances must be handled online since it depends on
the machine’s loading.

So far, numerous online identification methods of IM parameters have been proposed
in the literature. These include model-based methods [6], recursive least-square algo-
rithms (RLS) [7-9], model reference adaptive systems (MRAS) [10-16], signal injection (SI)
techniques [17-19], state observers (SO) [20-22], and artificial intelligence (ANN) [23-25]
methods. Typically, the greater the estimation accuracy and insensitivity to other machine
parameters, the greater the algorithm complexity, which puts demands on hardware com-
putational power and the experience of the implementation engineer. Therefore, due to

Energies 2021, 14, 6826. https:/ /doi.org/10.3390/en14206826

https://www.mdpi.com/journal/energies


https://www.mdpi.com/journal/energies
https://www.mdpi.com
https://orcid.org/0000-0001-6769-5714
https://orcid.org/0000-0003-0876-8893
https://orcid.org/0000-0002-0657-1213
https://doi.org/10.3390/en14206826
https://doi.org/10.3390/en14206826
https://creativecommons.org/
https://creativecommons.org/licenses/by/4.0/
https://creativecommons.org/licenses/by/4.0/
https://doi.org/10.3390/en14206826
https://www.mdpi.com/journal/energies
https://www.mdpi.com/article/10.3390/en14206826?type=check_update&version=2

Energies 2021, 14, 6826

20f19

the ease of implementation, MRAS-based estimators are quite popular for IM speed or
parameter estimation.

The basic MRAS principle is that two mathematical models are evaluated parallelly:
the so-called reference and adaptive. The reference model does not depend on the estimated
quantity. On the contrary, the adaptive model utilizes the estimated quantity directly or
indirectly. An adaptation mechanism (usually a simple PI controller) estimates the desired
variable by driving the difference between the reference and adaptive model to zero. For
the MRAS design, the Lyapunov theory or hyperstability theory can be utilized [11].

Numerous MRAS estimators based on various quantities have been proposed in the
literature so far. These include MRAS based on: reactive power [10-14], rotor flux [26-28],
active power [29,30], PY fictitious quantity [31], X fictitious quantity [32], g-axis rotor
flux [33], d-axis air-gaip flux [34], d-axis stator voltage [35], or electromagnetic torque [14].
The major drawback of the MRAS schemes is that they inherently suppose that the error
between the reference and adaptive model is caused by the estimated parameter only.
The papers that focus on MRAS techniques usually strive to analyze the estimation pro-
cess in terms of the stability [11-13] and sensitivity to the machine parameters [36,37] or
speed [30,38,39]. However, other issues affecting the parameter estimation that are usually
not acknowledged or examined in the respective papers include:

e Effect of solver and sampling time selection. MRAS design is, in most cases, car-
ried out in the continuous-time domain. However, the actual control algorithms are
implemented on a discrete system: either a digital signal processor (DSP) or field-
programmable gate array (FPGA). Only a few papers consider the effect of discretiza-
tion [40,41]. However, they are focused on a specific MRAS for speed estimation.

o  Effect of voltage-source inverter (VSI) nonlinearity. Most of the MRAS algorithms
utilize directly or indirectly the stator voltage vector. As the real-time voltage mea-
surement is hardware demanding and requires properly designed filters, the reference
voltage (i.e., the input to the modulator) is usually utilized instead of the direct mea-
surement. However, the fundamental output voltage of the commonly used IGBT
inverters is distorted, mainly due to the inserted deadtime and finite semiconduc-
tor switching.

o  Effect of iron losses. Iron losses are a phenomenon that undoubtedly affects the IM
flux, torque, speed, and parameter estimation [42-44]. However, most of the proposed
MRAS estimators are based on IM equivalent circuits that do not consider iron losses.

This paper aims to examine and quantify the influence of the issues mentioned
above on the performance of MRAS-type IM parameter estimators. The most popular
reactive power MRAS (Q-MRAS) for the rotor resistance estimation and active power
MRAS (P-MRAS) for the stator resistance estimation are selected as the candidates for the
investigation. The presented results are based on simulations of the direct FOC (DFOC)
of a 3.6 kW IM drive in the MATLAB/Simulink because, in a real drive, it is not possible
to efficiently study the decoupled effects of various phenomena acting on the system. For
machine modeling, the traditional T-equivalent circuit is utilized. The circuit is augmented
with the fictitious iron loss resistance placed in parallel with the magnetizing branch to
study the effect of iron losses.

This paper is organized as follows: Section 2 shows full-order state-space models of
IM with and without the included effect of iron losses that are used to model the machine
itself. Section 3 then presents improved reduced-order models with the included effect of
iron losses used in the DFOC model to assess the influence of iron losses on the parameter
estimation. Furthermore, this section also introduces the numerical methods whose influ-
ence on the estimation accuracy is further examined in the simulations. In Section 4, the
mathematical model of the VSI with the possibility of simulating the nonlinear behavior of
the actual inverter is presented. Section 5 gives an overview of iron losses measurement,
modeling, and implementation into the FOC and IM models. Section 6 demonstrates the
derivation of the improved P-MRAS and Q-MRAS estimators that consider the influence
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of iron losses. Finally, the paper is concluded with Sections 7 and 8 dedicated to the results
and discussion of the simulations.

2. Induction Machine Equivalent Circuit

The IM traditional T-equivalent circuit can be augmented to include the effect of
the iron losses (Figure 1). In this case, the losses are considered load-independent. In
Figure 1, the symbols ¢, ¢, and ¢  represent the stator, rotor, and magnetizing flux
linkage space vectors, respectively; u; represents the stator voltage space vector; iy, i,
im, and ig, represent the stator, rotor, magnetizing, and equivalent iron loss current space
vectors, respectively; Rj, Ry, and Rp. denote the stator, rotor, and equivalent iron loss
resistance, respectively; wy is the electrical angular speed of the general reference frame;
w is the rotor electrical angular speed; Ly, is the magnetizing inductance; and the symbol
j represents an imaginary unit (> = —1). A short-circuited rotor is considered; therefore,
the rotor voltage equals zero. The stator inductance L; is defined as L1 = Ly, + L1, where
Ly, is the stator leakage inductance and the rotor inductance L, is defined as Ly = Ly + Ly,
where Ly, is the rotor leakage inductance.

j‘“kffc jwkﬂgc

R1 Llo‘ LZG R2
o———""""—(5) (O—"N
NN =/
jorh lL’F‘e
Lm RFe
| &
o — *——
i¥ ik
1 =2

Figure 1. Induction machine T-equivalent circuit with the included effect of iron losses.

The superscript k denotes that the space vectors are expressed in an arbitrary reference
frame. The two specific reference frames used in this paper are the stator-fixed (real and
imaginary axis denoted as « and S, respectively) and rotor flux vector-attached (real and
imaginary axis denoted as 4 and g, respectively) reference frames.

2.1. Full-Order State-Space Model with Included Effect of Iron Losses

For modeling IM with the included effect of iron losses, the full-order state-space
model in the stationary a reference frame with the current space vector, magnetizing flux
space vector, and rotor flux space vector components as state variables can be used [45].
The model is deductible from Figure 1 and can be expressed mathematically as

x = Ax+ Bu, @
where
ai 0 ar 0 as 0
0 ay 0 a 0 as
-1
A RFe 0 ay 0 TFer (_)1 ) (2)

0 0 0 ! w =t
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T
— 0 00 —p- 0
0 ﬁ 00 0 —L%
g_| 0 0 o0 1 o | ®
0 0 0 0 0 1
0 0 1 0 0 0
0 0 0 1 0 0
. T
x=(in g Yma Pmp Y2 Pop ), 4)
u=(u, up 00 0 0)F, )
and where T,y = Lyg /Ry, Tpey = Log/Rpe, 11 = —(R1 + Rre)/Lig, 42 = Ly/ (L1gLm Trer ),

a3 = —1/(L1oTrec), 44 = —L1¢5.
The electromechanical torque and the motion equation, respectively, are considered in
the form

31 ok
Tr= >Pp Lo (fz x fm)’ ©)
S
T TL — pp dt ’ (7)

where pp, is the number of pole-pairs, T is the electromagnetic torque, Ty, is the load torque,
J is the moment of inertia, and the operator x denotes cross product.

2.2. Full-Order State-Space Model without Iron Losses

For the modeling of the machine without the effect of iron losses, it is convenient to
use a model with the stator and rotor flux linkage vector components as state variables.
The model in its state-space form can be written as [46]

E=AE+v, ®)
where
Yoo mp o o
, 0 _Rilp 0 RiLm
A= R OD —Ku —Dw ’ ©)
0 M o
T
E= (Y Yig Y Pop ), (10)
T
v:(ul,x M1ﬁ 0 O), (11)
and where D = L{L, — L2,.
The electromechanical torque is given by
3 L P
T = Eppfm(% ><%>. (12)

The equation of motion is the same as (7).

3. Reduced-Order Models for Rotor Flux Estimation Considering Iron Loss Effect

In the FOC strategies, the decoupled regulation of flux-producing and torque-producing
current components is done in the synchronously rotating dg system where the electromag-
netic quantities become DC values. This paper implements a DFOC where the transforma-
tion angle, i.e., the angle between the stationary a8 and rotation dg system, is calculated
from the rotor flux linkage vector components. For this purpose, two IM reduced-order
models can be used: the so-called IM current and voltage models. Conventionally, these
models do not consider the effect of iron losses, contrary to the multiple known full-order
models that are based on the respective modification (i.e., placement of the iron loss re-
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sistance) of the IM equivalent circuit. Since the reduced-order models that consider the
iron losses are not often mentioned in the literature, their derivation is, for convenience,
presented in the following subsections.

3.1. Current Model with Included Iron Losses

The model will be derived in an arbitrary reference frame and then concretized to
«f and dq reference frames. Using Figure 1, the rotor voltage equation and the rotor flux
linkage vector equation, respectively, can be expressed as

k

k
0= Ryik + =2 i 2 4wy — w) ¢, (13)

Y5 = Logih + Ly = Lot + L (i — i, ). (14)
Substituting for the rotor current vector in (13) from (14) yields

d 1P LR 7k Ry k
dt - LZ —1 - 71‘/”2 _](CUk - )£2/ (15)

where 7} Tk — 1]1‘ o If the stator-fixed reference frame is considered (wj, = 0), the model becomes

dfg _ LmRZ /aﬁ
dt Ly

i 2y e gt (16)
27

On the other hand, choosing the rotor flux linkage vector-attached dg reference frame,
the steady-state expression for the rotor flux magnitude and slip frequency, respectively,
can be expressed as

o/
LmRz llq
Wg] = P (18)
s Ly

y . . y . )
where ) = 5 = ‘fz 117 = 11d — TFeds and i1y = 11g = IFeg-

3.2. Voltage Model with Included Iron Losses

The model will be derived in the a reference frame. According to Figure 1, the stator
flux linkage vector can be expressed as

¥ = Ligik + Ly = Laff + L (i — i, ). (19)

Substituting for the rotor current vector in (14) from (19) and considering the stator-
fixed reference frame yields

93P = 12 (92~ 1108P) + Lavis?, 20)
m

where 0 = 1 — L2 /L,L, is the leakage factor. The stator flux linkage vector is obtained as
m g g

t
P = /0 (E‘i‘ﬁ—le’i‘ﬁ>dr. (21)

3.3. Implementation of Current and Voltage Model into Discrete System

The real-time motor control algorithm is implemented either on DSP or FPGA. There-
fore, the continuous mathematical models must be solved numerically. The current model
(16) represents a complicated set of coupled differential equations when resolved into
the real and imaginary parts. Therefore, as mentioned in the introduction, one of the
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aims of this paper is to compare the influence of the solver and sampling time selection
on the accuracy of the DFOC and MRAS algorithms. The following numerical methods
are considered: the forward Euler method (FWEM), the trapezoidal rule (TR), and the
fourth-order Runge-Kutta method (RK4). These approaches are well-known algorithms
for the solution of ordinary differential equations (ODE); therefore, they will be described
here only briefly.

Let us consider a first-order ODE in the form

y(t) = f (ty(t)), y(to) = yo. (22)

The most straightforward approach for numerically solving (22) is the forward Euler
method given by the rule (a fixed step At is assumed) [47]

Vi = yio1+ At f(ti, Y1) (23)

The method is first order, making it computationally undemanding but with limited
accuracy and stability. An improvement can be achieved by using the trapezoidal rule: at
the cost of one extra function evaluation, we improve the order of the method by one. The
rule is given by the following formula [47]

A
i = i1 + S (i) + £ (ko). (24)

The last numerical approach considered in this paper is the popular fourth-order
Runge-Kutta method, which can be summarized as [47]

i = Yiot + Atk + 2k + 2k + Ky), 25)
ki = f(ti-1,yi-1), (26)

ky = f<tl-_1 + %At, vior + %At : k1>, 27)
ks = f<tl-_1 ALY+ AL k2>, (28)
ky = f(ti, yi1 + At -k3). (29)

4. Modelling of Inverter Nonlinearities

A proper inverter model is needed to assess the effect of the IGBT inverter nonlinearities
on the DFOC and MRAS algorithms. By a nonlinear inverter behavior, we mean the semicon-
ductor’s finite turn-on and turn-off times, the voltage drop across the devices, and necessary
protective time, i.e., dead-time inserted by the microcontroller or the transistor driver [48].
Since a 400 V IM drive is considered, the voltage drop across the devices will be neglected.

Let us consider the most common space-vector modulation (SVM) with a fixed switch-
ing period Tpwwm. By a simple graphical analysis, it can be concluded that the turn-on time
Ton increases and the turn-off time T decreases the distortion given by the dead-time
T4: [48]. Therefore, it is convenient to define the so-called effective dead-time as

Tefe(ix) = Tae + Ton(ix) — Toge(ix) x =4a, b, c, (30)

where it is assumed that the turn-on and turn-off times are only the function of the load
current, and the symbols a, b, c denote the respective inverter leg. A direct inverter mea-
surement can be performed to easily determine the dependence of the effective deadtime
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on the load current. The resulting characteristics can then be implemented as a look-up
table or analytically approximated using the expression

m

Togs(ix) = —
eff(1x> Cl‘ix|+C2

+n, (31)
where ¢y, ¢, m, and n are parameters. The measured and approximated dependence of the
effective deadtime on the collector/load current of an IGBT module SKM100GB12T4 from
SEMIKRON that is used later in the simulation model is depicted in Figure 2 The actual
deadtime is selected as 2 ps.

. 7—— X=X
XXX XX XXXRA
SRR

xxx

X

[

=)

effective deadtime (us)

°
n

0.0
0 5 10 15 20 25 30

collector/load current (A)

Figure 2. Measured (blue) and approximated (orange) dependence of the effective deadtime on the
collector current; SEMIKRON SKM100GB12T4 IGBT module; actual deadtime 2 ps.

Let us assume that, within SVM, the standard up-down counters are utilized with the
top value normalized to one and the period of the signal equal to Tpw1. Moreover, suppose
that the comparator, which compares the counter with the reference compare value, outputs a
logical one when a match during up-count occurs and logical zero when a match during a
down-count occurs. Then, to model the voltage distortion of an ideal inverter, the reference
compare value dy for the respective VSl leg (i.e., the SVM output) must be adjusted as

dy = dy + dgisex) X =4a,b,c, (32)
where T
£f .
gist(x) = T;iv\(/;)[sgn(zx) x=a,b,c. (33)

The following well-known expression can be utilized for the reconstruction of the
actual phase voltage of a wye-connected machine:

Ua , 2 -1 -1 Sa
Uy, = 5 UDC -1 2 -1 Sb ’ (34)
Ue -1 -1 2 Se

where u,, 1, and u. are the respective motor phase voltages and S,, S, and S, are the
logical switching variables (1—high-side switch in the respective inverter leg is on, 0—low-
side switch in the respective inverter leg is on) from the comparator. Knowing the effective
deadtime of each VSI leg, the nonideal inverter can be modeled using (32)—(34).

5. Measuring, Modelling, and Compensation of Iron Losses

The last phenomenon examined in this paper is the influence of iron losses on the
DFOC and MRAS performance. This section describes the integration of the iron losses
measured on a real machine either into a machine or DFOC model. According to Figure 1,
the equivalent iron loss current in an arbitrary reference frame can be expressed as

uk
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where uX| is the voltage across the magnetizing (parallel) branch. The power dissipated in
the fictitious iron loss resistance can be expressed as

Pre = SR{ukik ), (36)

<k . . . e e
where i, denotes the complex conjugate of the equivalent iron loss current. Substituting
(35) into (36), the iron loss resistance is obtained as

2
3 ug,

Rpe = = —.
Fe ZPFe

(37)

The iron loss current in the stationary system is obtained using (37) to substitute for
the equivalent iron loss resistance in (35):

. 2 ulf
ife = 3Prel 5 (38)

Within the model of the machine, the voltage across the magnetizing branch can
be obtained directly using the magnetizing flux vector time derivative. In the control
algorithm, the voltage can be approximately calculated as

P —jwsLie iy, (39)

utf — Ei‘ﬁ — Rydy
Equation (39) supposes a steady-state operation and considers the fundamental
wave only.

Iron Losses Measurement and Model Fitting

The iron losses can be obtained by a series of no-load tests at various fundamental
supply frequencies. The separation procedure based on the IEC standard (IEC 60034-2-1:
2014 [49]) can then be used for the loss calculation [50]. For the measurement, the inverter
is programmed to generate a fundamental voltage at a given frequency and magnitude
that corresponds to the reference stator flux linkage vector magnitude (obtained from the
voltage model). For the iron loss modeling, the following analytical function can be used [4]

_ eyl fopy

Rreo

Pge (40)
where f; is the fundamental supply frequency, ¢; is the stator flux linkage amplitude, and
&, n, and Rpeg are the model parameters. Figure 3 shows (40) fitted to the measured losses of
a 3.6 kW IM drive (nameplate data and nominal model parameters are given in Table A1).

Figure 3. Iron losses as a function of fundamental supply frequency and stator flux linkage vector
amplitude. The fitted model parameters are Rpeg = 277, k = 460, n = 1.77.
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6. Improved MRAS Estimators with Included Effect of Iron Losses

The philosophy behind MRAS estimators is that the estimated parameter should
somehow influence the adaptive model. In the case of the active power MRAS, the adaptive
model directly depends on the stator resistance, making it suitable for the stator resistance
estimation. Contrary to that, the adaptive model of the reactive power MRAS used for
the rotor resistance estimation depends on the rotor resistance indirectly. By indirect
dependence, we mean that the model utilizes quantities affected by the rotor resistance,
i.e., the calculated slip speed and d and g-axis current components.

Since most of the MRAS algorithms for the parameter estimation proposed in the
literature do not include the effect of iron losses, this section presents improved stator and
rotor resistance estimators based on the active (P-MRAS) reactive (Q-MRAS) power.

6.1. Improved Reactive Power MRAS with Included Effect of Iron Losses

The reference model of the popular and widely used Q-MRAS for the rotor resistance
(or inverse rotor time constant) estimation is given by [10-14]

Q = S{u{""} = wiging — wainy, (41)

=d . . .
where 11‘7 denotes the conjugated current space vector. Using (20) transformed into the dgq
reference frame, the stator flux linkage vector can be obtained as
20Lm idq

Lm dg L
dqg _ =m _.dq q __ Z20tm
l)bl - L2 l)bz Llo-ll LZ LFe* (42)

The stator voltage equation in the dq reference frame can be written as

d d d%”fq
! = Rify + =+ jos 9. (43)

By substituting (41) into (43) and considering the steady-state operation, we obtain

d dq . (Lm 4 Aq _ LooLm d
Elq = R111q +jws (L?llqu + Llffllq - %4@’ : (44)

Separating (44) into the real and imaginary parts, respectively, while considering that
P24 = Lm(i1g — ipeq) and ¢, = 0, the adaptive model is finally obtained as

A . . L . o o
Q= ws [Lﬂf(l%d + z%q) + f? (Lml%d — Laipeqitg — LZUlFeqllq):l . (45)

The synchronous speed is calculated as the sum of the measured speed and estimated
slip speed (Equation (18)). The error for the rotor resistance adaptation mechanism is
given by

A

e=Q-Q (46)
The estimated rotor resistance is then the output of the PI controller, i.e.,

A ‘t

Ry = Kpoeq + Kig | €08 + Raginy, )

where Ry(iniy) is the initial rotor resistance. The block diagram of the Q-MRAS estimator
with the included iron loss effect is presented in Figure 4. Due to its dependency on the
rotor resistance, the current model is used for the transformation angle calculation.
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dq
Uy >
— >REFERENCE| @
i DEL
> aﬁ - dq > MO
) W% e
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lFe ——»
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L
CURRENT Pl CONTROLLER|
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Ra(init)
Figure 4. Modified reactive power MRAS for rotor resistance estimation.

6.2. Improved Active Power MRAS with Included Effect of Iron Losses
The reference model of the P-MRAS is given by [10,29,30]

Tk . .
P = %{Ellcll} = U1glid + U414 (48)
Separating (44) into the real and imaginary parts, respectively, and substituting the

resulting expression into (48) while considering that (o5 = Lm (i1g — ipeq) and ¢, = 0, the
adaptive model is obtained as

5 . . L. . Ly, . . o
P=Ry (l%d + l%q) + wsLlm (Lr;lldllq + T;lFeqlld - lFedllq)- (49)
The error for the rotor resistance adaptation mechanism is calculated as

ep=P—D. (50)
The estimated stator resistance is then the output of the PI controller, i.e.,
R t
R = KppSp + Kip /0 epdt + Rl(init)/ (51)
where Ry(pniy) is the initial stator resistance. The block diagram of the modified P-MRAS

estimator is presented in Figure 5. Here, the voltage model is selected for the transformation
angle calculation due to its dependency on the stator resistance.

dq
U -
af " REFERENCE| P
51
olop - dg .| MODEL
[ i P
i da | ADAPTIVE [P~
Fe ——»
w .| MODEL

™ VOLTAGE
»| MODEL

PI CONTROLLER

Ri(init)

Figure 5. Modified active power MRAS for stator resistance estimation.

7. Simulation Results

As mentioned in the introduction, this paper aims to examine selected phenomena that
impair the performance of motor control algorithms. These include inverter nonlinearity,
iron losses, ODE solver type, and sampling time. The presented results are based on
simulations in MATLAB/Simulink because:
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e Itis not possible to fully separate the influence of the aforementioned adverse effects
in an actual application.
Many additional nonlinearities and imperfections are present in a real system.
The exact system parameters are usually not known.

7.1. Simulation Setup Description

The principal block diagram of the Simulink model is depicted in Figure 6. The model
permits to switch between the machine model with the iron losses (1)—(6) and without
the iron losses (8)—(12). The simulated machine is a 3.6 kW IM whose nameplate data
and nominal model parameters are given in Table Al. The iron losses are measured and
implemented in accordance with Section 5. Both machine models are simulated using the
ode4 solver with a fixed-step size equal to 1 us.

signal period bypass inverter

JUL oo
FOC MODEL
» INVERTER MODEL »MACHINE MODEL
triggered subsystem|
| 1 f
select linear/nonlinear select machine model

with/without iron losses

current and speed feedback

ode4 solver, 1 us fixed-step

Figure 6. Principal block diagram of simulation setup.

The inverter model is implemented using SVM in a linear mode with the possibility to
simulate the inverter nonlinearity using the approach described in Section 4. The switching
frequency is selected as 10 kHz. Again, the inverter is simulated using the ode4 solver with
a fixed-step size 1 ps.

The block diagram of the considered DFOC scheme is depicted in Figure 7. The advan-
tage of the presented DFOC scheme is the ability to estimate the stator and rotor resistance
variation in the presence of iron losses using improved estimators. The disadvantage
is that machine iron losses and nonlinear inverter characteristics need to be measured
and implemented for proper functionality, and additional PI controllers have to be tuned.
Moreover, in an actual application, the DFOC performance can be further improved by
respecting the saturation of the main flux paths.

The FOC model is simulated as a triggered subsystem to mimic the fact that motor
control algorithms are implemented on a discrete system. The type of the ODE solver
(FWEM or TR) is selected by setting the appropriate integration method in the Discrete-
Time Integrator blocks. The RK4 method is implemented using the MATLAB Function
Block. Within FOC, it is also possible to switch between the voltage model and the current
model, both either with or without the iron losses. Concerning the MRAS testing, the
Q-MRAS is tested with the current model, and the P-MRAS is tested with the voltage
model active.

The initial gains of the PI controllers within the FOC were calculated using the opti-
mum modulus method. The obtained values were further adjusted to improve the con-
trollers” performance. The gains of the adaptive PI controllers inside the MRAS estimators
were tuned experimentally (the values are given in Table A2).
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Figure 7. Block diagram of the utilized direct field-oriented control.

7.2. Influence of VSI Nonlinearities on P-MRAS and Q-MRAS Estimators

This simulation series aims to examine the influence of the inverter nonlinearity on
the accuracy of the MRAS estimators. The simulation setup is as follows:

The IM model is implemented without iron losses using (8)—(12).

The sample time of the FOC model (triggered subsystem) is selected as 100 ps (syn-
chronized with PWM).

The rotor flux is set to a nominal value.

Within FOC control strategies, it is common that a reference voltage (i.e., the input to
the modulator) is utilized instead of a measured voltage. However, when this approach is
used, inverter nonlinearities should be compensated appropriately. The influence of the
nonideal inverter on the estimation of the stator flux linkage vector « component using (21)
is depicted in Figure 8. As expected, the nonlinearities become more significant at small
speeds and light loads (Figure 8a). At higher speeds and loads (Figure 8b), the relative
influence of the distorting voltage vector decreases.

Figure 9 shows the influence of the nonlinear inverter behavior on the stator resistance
(Figure 9a) and rotor resistance (Figure 9b) estimation. The resistances are presented in a
per-unit system (indicated by lower-case letters), with the base impedance selected as the
ratio of the machine nominal phase voltage and current.



Energies 2021, 14, 6826 13 of 19

1.5} 1.5}
Voltage model Voltage model
1L Machine model 1k Machine model
= 0.5} = 0.5}
g o E o
3 3
ll il
= -0.5+ = -05¢
1t 1t
-1.5F . . ; | -1.5¢ ; .
2.8 2.9 3 3.1 3.2 2.95 3 3.05
t (s) t (s)
(a) (b)

Figure 8. The effect of inverter nonlinearities on the accuracy of stator flux linkage estimation at different operating points.
(a) 20% of the nominal speed and torque; (b) 80% of the nominal speed and torque. Inverter nonlinearity turned on at 3 s.

e 0 = 20 Y% wy, T = 20 % T,y 0.204 ¢
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Figure 9. The effect of inverter nonlinearities on the performance of MRAS-type estimators (w, denotes the nominal
electrical rotor angular speed, T;; denotes the nominal torque, and ry,, and ry,, are the nominal stator and rotor resistance,
respectively). (a) P-MRAS for stator resistance estimation; (b) Q-MRAS for the rotor resistance estimation. In the case of the
P-MRAS, the inverter nonlinearity is activated at 7.5 s and deactivated at 23 s, and, in the case of the Q-MRAS, the inverter
nonlinearity is activated at 4 s and deactivated at 9 s.

In the case of the stator resistance, the voltage nonlinearity significantly impacts
the estimation accuracy because the distorted voltage is utilized not only by the voltage
model but also by the P-MRAS reference and adaptive models. The wrong estimate
during the low-speed and light-load operation is given mainly by the relatively low
ratio of the fundamental and distorting voltage vector. At higher speeds, the relative
influence of the stator resistance on the FOC performance decreases, which also impairs
the estimator’s performance.

The rotor resistance estimation depicted in Figure 9b is, overall, much less sensitive
to the voltage distortion because the stator voltage influences the estimator only through
the Q-MRAS reference and adaptive models. Like the P-MRAS, the resulting estimates
are influenced by the voltage nonlinearity mainly during low-speed and high-speed low-
load operations.
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7.3. Influence of Iron Losses on P-MRAS and Q-MRAS Estimators
The simulation setup is as follows:

The IM model is implemented with iron losses using (1)—(6).

The inverter is bypassed, i.e., the machine is supplied by a sinusoidal voltage.

The FOC model makes it possible to switch between voltage, current, and synchronous
speed estimation with and without iron losses.

The sample time of the FOC model (triggered subsystem) is selected as 10 ps.

The rotor flux is set to a nominal value.

Figure 10 shows the influence of the iron losses on the stator resistance (Figure 10a) and
rotor resistance (Figure 10b) estimation. The iron losses are a non-linear phenomenon
whose influence on the flux estimation at different speeds and applied load torques is
described by complicated functions [42]. Combining the FOC with MRAS creates a complex
system where it is complicated to express the influence of the iron losses on the whole
system performance by explicit analytical expression. Overall, it can be stated that the iron
losses definitely and not negligibly affect the parameter estimation process and that the
influences of the speed and load are interconnected. However, in the case of the P-MRAS,
the impact of the iron losses on the estimation accuracy is relatively lower compared to the
inverter nonlinearity.

0.105 ¢ w=20%w,, T =20%T, 0.195
— ) = 20 Y% wy, T = 80 % T,
—— = 80 % wy, T = 20 % T,
0.1+ — 0 = 80 Y% wy, T = 80 % T,
- = = T 0.19 }

w=20%wy, T =20%T,
— ) = 20 % wy, T = 80 % T,
— ) = 80 % wy, T = 20 % T,

~ —— ) = 80 Y% w,, T = 80 % T,
0.085 ® L
0.18
0.08
0.075 : : : : 0.175 : : : : :
2 4 6 8 2 4 6 8 10
t (s) t(s)
(a) (b)

Figure 10. The effect of iron losses on the performance of MRAS-type estimators (w, denotes the nominal electrical rotor
angular speed, T;; denotes the nominal torque, and 1, and ry,, are the nominal stator and rotor resistance, respectively).
(a) P-MRAS for the stator resistance estimation; (b) Q-MRAS for the rotor resistance estimation. Compensation of iron losses
in the FOC model deactivated at 2.5 s and activated again at 6.5 s.

7.4. Influence of Discretization and Sampling Time on P-MRAS and Q-MRAS Estimators

The last examined phenomenon is the effect of the discretization and sampling time
on the relative error of the estimate. The simulation setup is as follows:

The IM model is implemented without iron losses using (8)—(12).

The inverter is bypassed, i.e., the machine is supplied by a sinusoidal voltage.

The sample time of the FOC model (triggered subsystem) is varied from 10 us to
300 ps.

e The FWEM and TR are selected by specifying an integration method in the Discrete-
Time Integrator blocks used in the DFOC model. The RK4 method is implemented
manually using the MATLAB Function block.

e  The rotor flux is set to a nominal value.
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Figure 11 shows the influence of the discretization method and sampling time on the
resulting relative error of the stator resistance estimation. As expected, the influence of the
discretization method grows with the increasing sampling time. Furthermore, the relative
error is much more significant at higher speeds because of the higher fundamental and
sampling frequency ratio. Since the order of the trapezoidal method is only one order
higher than the Euler method, it should be a preferred choice.

0.1p 0.8
X  Trapezoidal x X  Trapezoidal x
0.08 X Forward euler X Forward euler
_ 06}
E E *
& 0.06f X K
~ S~
iy 5 0.4+
<m X (m X
| 0.04f x [
o X — X .
— 0.2+ x
0.02 + X X
X X X X
X e X
0 50 100 150 200 250 300 0 50 100 150 200 250 300
Ts (ps) T, (us)
(a) (b)

Figure 11. The effect of discretization and sampling time Ts on P-MRAS accuracy at different operating points. (a) 20% of
the nominal speed and 50% of the nominal torque; (b) 80% of the nominal speed and 50% of the nominal torque.

Figure 12 shows the results for the Q-MRAS estimator. Here, because of the current
model, the RK4 solver is also tested. The results and conclusions for the TR and FWEM are
the same as in the case of Figure 11. The RK4 method can increase the estimation accuracy,
especially at higher sampling times. Moreover, it is supposed to maintain higher numerical
stability during fast transients.
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Figure 12. The effect of discretization and sampling time Ts on Q-MRAS accuracy at different operating points. (a) 20% of
the nominal speed and 50% of the nominal torque; (b) 80% of the nominal speed and 50% of the nominal torque.

If hardware with sufficient computational power, such as FPGA or DSP with FPGA,
is used in real applications, the FOC performance can be increased by oversampling.
However, this might not always be the most cost-effective solution. The sampling time
is often tied to the PWM period in medium-power drives operating with the switching
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frequencies around 10 kHz, which, according to Figures 11 and 12, can deteriorate the
accuracy of the MRAS-type estimators.

8. Discussion

This paper investigated three actual application phenomena on the accuracy of the
popular Q-MRAS and P-MRAS rotor and stator resistance estimators. The studied adverse
effects include inverter nonlinearity, iron losses, ODE solver type, and sampling time
selection. The main results and contributions of the paper can be summarized as follows:

e If not adequately accounted for, the inverter nonlinearity has a key influence on the
parameter estimation in the case of the P-MRAS and voltage model. The Q-MRAS is
also affected by the inaccurate voltage evaluation, but relatively much less.

e  The influence of iron losses on the stator and rotor resistance estimation accuracy
is investigated using improved reduced-order IM models and improved Q-MRAS
and P-MRAS estimators with the included iron losses. The simulation results show
that, if not adequately compensated, the nonlinear phenomenon of iron losses im-
pairs the estimation process and leads to inaccurately identified parameters. The
error can become quite significant and is comparable for both the stator and rotor
resistance estimation.

e  Numerical method and sampling time selection can also affect the MRAS-based
parameter estimation. When oversampling is impossible, and the drive control system
operates with the sampling time around 100 ps, it is recommended to use at least the
trapezoidal rule because the improvement compared to Euler’s method is significant.
The difference between the Runge-Kutta fourth-order method and the trapezoidal
rule is not so pronounced. However, the RK4 method is expected to exhibit better
numerical stability.

In the case of the inverter nonlinearity and iron losses, the operating conditions,
i.e., the applied load and the rotor speed, represent a complicated mixed influence on the
stator and rotor estimation accuracy. The analytical description of the observed would
represent a highly complex task due to the nonlinearity of the whole system.
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List of Symbols

The following symbols are used in the paper:

11,12, I, IFe stator, rotor, magnetizing, and iron loss current space vector (A)
Uy, Um stator and magnetizing voltage space vector (V)

¥ Y fz’ fm stator, rotor, and magnetizing flux linkage space vector (Wb)
L1,Ly, Lim stator, rotor, and magnetizing inductance (H)

Lis, Lo stator and rotor leakage inductance (H)

R4, Ry, Rge stator resistance, rotor resistance, equivalent iron loss resistance
Sa, Sp, Sc logical switching variables (-)

Ton, Tot, Tqr, Tege  turn-on time, turn-off time, dead-time, and effective dead-time (s)
Trwm, Ts PWM period, sampling time (s)
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Upc DC-link voltage (V)

d, d, dgist(x) ~ reference, adjusted, and distorting compare value (-)

Pp number of pole-pairs (-)

Q mechanical rotor speed (rad-s—1)

J moment of inertia (kg-mz)

P, Pge active power, iron losses (W)

Q reactive power (VAr)

T, Ty, Th motor electromechanical torque, load torque, nominal torque (Nm)
o leakage factor (-); 0 = 1 — L2,/(L{Ly)

UJ, wS/ wsl/ Wn
*

electrical rotor speed, synchronous speed, slip speed, nominal speed (rad-s~')

reference value

ab,c notation of stator phases

dq real and imaginary axis of the synchronous reference frame
k notation of a general reference frame

w, B real and imaginary axis of the stator-fixed reference frame
Appendix A

Table Al. Induction motor nameplate data and mathematical model parameters.

Mathematical Model Parameters

1.688 ()
3.685 ()
0.012H

Nameplate Data

Stat. resistance
Rot. resistance
Stat. leak inductance
Rot. leak. inductance 0.013H
Mag. inductance 0175 H
Iron core resistance 520 Q)

Nominal power 3.6 kW
Nominal voltage 380V
Nominal current 115A
Nominal speed 935 min !
Number of poles 6
Winding connection Y

Table A2. P-MRAS and Q-MRAS adaptive PI controller gain values.

P-MRAS Q-MRAS

Proportional gain 10—
Integral gain 0.05

Proportional gain 104
Integral gain 0.25

References

1.

Wang, E; Zhang, Z.; Mei, X.; Rodriguez, J.; Kennel, R. Advanced Control Strategies of Induction Machine: Field Oriented Control,
Direct Torque Control and Model Predictive Control. Energies 2018, 11, 120. [CrossRef]

Wang, K.; Huai, R.; Yu, Z.; Zhang, X.; Li, E; Zhang, L. Comparison Study of Induction Motor Models Considering Iron Loss for
Electric Drives. Energies 2019, 12, 503. [CrossRef]

Hinkkanen, M.; Repo, A.; Luomi, ]. Influence of magnetic saturation on induction motor model selection. In Proceedings of the
17th International Conference on Electrical Machines (ICEM), Chania, Greece, 2-5 September 2006.

Ranta, M.; Hinkkanen, M.; Dlala, E.; Repo, A.; Luomi, J. Inclusion of hysteresis and eddy current losses in dynamic induction
machine models. In Proceedings of the 2009 IEEE International Electric Machines and Drives Conference, Miami, FL, USA,
3-6 May 2009; pp. 1387-1392.

Tang, J.; Yang, Y.; Blaabjerg, F.; Chen, J.; Diao, L.; Liu, Z. Parameter Identification of Inverter-Fed Induction Motors: A Review.
Energies 2018, 11, 2194. [CrossRef]

Kostal, T.; Kobrle, P. Induction Machine On-Line Parameter Identification for Resource-Constrained Microcontrollers Based on
Steady-State Voltage Model. Electronics 2021, 10, 1981. [CrossRef]

Huynh, D.C.; Dunnigan, M.W.; Finney, S.J. On-line parameter estimation of an induction machine using a recursive least-squares
algorithm with multiple time-varying forgetting factors. In Proceedings of the 2010 IEEE International Conference on Power and
Energy, Kuala Lumpur, Malaysia, 29 November—1 December 2010; pp. 444—449.

Reddy Siddavatam, R.P.; Loganathan, U. Identification of Induction Machine parameters including Core Loss Resistance using
Recursive Least Mean Square Algorithm. In Proceedings of the 45th Annual Conference of the IEEE Industrial Electronics Society,
Lisbon, Portugal, 14-17 October 2019; pp. 1095-1100.

Zhao, H.; Eldeeb, H.H.; Wang, ].; Kang, J.; Zhan, Y.; Xu, G.; Mohammed, O.A. Parameter Identification Based Online Noninvasive
Estimation of Rotor Temperature in Induction Motors. IEEE Trans. Ind. Appl. 2021, 57, 417-426. [CrossRef]


http://doi.org/10.3390/en11010120
http://doi.org/10.3390/en12030503
http://doi.org/10.3390/en11092194
http://doi.org/10.3390/electronics10161981
http://doi.org/10.1109/TIA.2020.3039940

Energies 2021, 14, 6826 18 of 19

10.

11.

12.

13.

14.

15.

16.

17.

18.

19.

20.

21.

22.

23.

24.

25.

26.

27.

28.

29.

30.

31.

32.

33.

34.

35.

36.

Bednarz, S.A.; Dybkowski, M. Estimation of the Induction Motor Stator and Rotor Resistance Using Active and Reactive Power
Based Model Reference Adaptive System Estimator. Appl. Sci. 2019, 9, 5145. [CrossRef]

Cao, P; Zhang, X.; Yang, S. A Unified-Model-Based Analysis of MRAS for Online Rotor Time Constant Estimation in an Induction
Motor Drive. IEEE Trans. Ind. Electron. 2017, 64, 4361-4371. [CrossRef]

Maiti, S.; Chakraborty, C.; Hori, Y.; Ta, M.C. Model Reference Adaptive Controller-Based Rotor Resistance and Speed Estimation
Techniques for Vector Controlled Induction Motor Drive Utilizing Reactive Power. IEEE Trans. Ind. Electron. 2008, 55, 594-601. [CrossRef]
Cao, P; Zhang, X.; Yang, S.; Xie, Z.; Zhang, Y. Reactive-Power-Based MRAS for Online Rotor Time Constant Estimation in
Induction Motor Drives. IEEE Trans. Power Electron. 2018, 33, 10835-10845. [CrossRef]

Mapelli, EL.; Tarsitano, D.; Cheli, F. A rotor resistance MRAS estimator for EV induction motor traction drive based on torque
and reactive stator power: Simulation and experimental results. In Proceedings of the 2014 International Conference on Electric
Machines (ICEM), Berlin, Germany, 2-5 September 2014; pp. 31-37.

Dybkowski, M. Universal Speed and Flux Estimator for Induction Motor. Power Electron. Drives. 2018, 3, 157-169. [CrossRef]
Liu, L.; Guo, Y.; Wang, J. Online identification of mutual inductance of induction motor without magnetizing curve. In Proceedings
of the 2018 Annual American Control Conference (ACC), Milwaukee, WI, USA, 27-29 June 2018; pp. 3293-3297.

Cho, K,; Seok, J. Induction Motor Rotor Temperature Estimation Based on a High-Frequency Model of a Rotor Bar. IEEE Trans.
Ind. Appl. 2009, 45, 1267-1275.

Baneira, F.; Yepes, A.G.; Lopezm, oF Doval-Gandoy, J. Estimation Method of Stator Winding Temperature for Dual Three-Phase
Machines Based on DC-Signal Injection. IEEE Trans. Power Electron. 2016, 31, 5141-5148. [CrossRef]

Briz, F; Degner, M.W.; Guerrerom, J.M.; Diez, A.B. Temperature estimation in inverter fed machines using high frequency
carrier signal injection. In Proceedings of the 2007 IEEE Industry Applications Annual Meeting, New Orleans, LA, USA,
23-27 September 2007; pp. 2030-2037.

Hasan, S.M.N.; Husain, I. A Luenberger-Sliding Mode Observer for Online Parameter Estimation and Adaptation in High-
Performance Induction Motor Drives. IEEE Trans. Ind. Appl. 2009, 45, 772-781. [CrossRef]

Yang, S.; Ding, D.; Li, X,; Xie, Z.; Zhang, X.; Chang, L. A Novel Online Parameter Estimation Method for Indirect Field Oriented
Induction Motor Drives. IEEE Trans. Energy Convers. 2017, 32, 1562-1573. [CrossRef]

Zerdali, E. A Comparative Study on Adaptive EKF Observers for State and Parameter Estimation of Induction Motor. IEEE Trans.
Energy Convers. 2020, 35, 1443-1452. [CrossRef]

Cetin, O.; Dalcali, A.; Temurtas, F. A comparative study on parameters estimation of squirrel cage induction motors using neural
networks with unmemorized training. Eng. Sci. Technol. Int. ]. 2020, 23, 1126-1133.

Wilas, M.; Krzeminski, Z.; Toliyat, H.A. Neural-Network-Based Parameter Estimations of Induction Motors. IEEE Trans. Ind.
Electron. 2008, 55, 1783-1794. [CrossRef]

Pham Van, T.; Vo Tien, D.; Leonowicz, Z.; Jasinski, M.; Sikorski, T.; Chakrabarti, P. Online Rotor and Stator Resistance Estimation
Based on Artificial Neural Network Applied in Sensorless Induction Motor Drive. Energies 2020, 13, 4946. [CrossRef]

Vasic, V.; Vukosavic, S.N.; Levi, E. A stator resistance estimation scheme for speed sensorless rotor flux oriented induction motor
drives. IEEE Trans. Energy Convers. 2003, 18, 476-483. [CrossRef]

Agrebi, Y.; Yassine, K.; Boussak, M. Sensorless Speed Control with MRAS for Induction Motor Drive. In Proceedings of the 20th
International Conference on Electrical Machines (ICEM), Marseille, France, 2-5 September 2012; pp. 2259-2265.

Jo, G.-J.; Choi, ].-W. A Novel Method for the Identification of the Rotor Resistance and Mutual Inductance of Induction Motors
Based on MRAC and RLS Estimation. J. Power Electron. 2018, 18, 492-501.

Perng, S.-S.; Lai, Y.-S.; Liu, C.-H. Sensorless vector controller for induction motor drives with parameter identification. In Proceed-
ings of the 24th Annual Conference of the IEEE Industrial Electronics Society, Aachen, Germany, 31 August—4 September 1998;
pp- 1008-1013.

Mapelli, FL.; Bezzolato, A.; Tarsitano, D. A rotor resistance MRAS estimator for induction motor traction drive for electrical
vehicles. In Proceedings of the 2012 20th International Conference on Electrical Machines, Marseille, France, 2-5 September 2012;
pp- 823-829.

Basak, S.; Ravi Teja, A.V.; Chakraborty, C.; Hori, Y. A new model reference adaptive formulation to estimate stator resistance in
field oriented induction motor drive. In Proceedings of the 39th Annual Conference of the IEEE Industrial Electronics Society,
Vienna, Austria, 10-13 November 2013; pp. 8470-8475.

Ravi Teja, A.V.,; Chakraborty, C.; Maiti, S.; Hori, Y. A New Model Reference Adaptive Controller for Four Quadrant Vector
Controlled Induction Motor Drives. IEEE Trans. Ind. Electron. 2012, 59, 3757-3767. [CrossRef]

Yang, S.; Cao, P.; Zhang, X. Stability analysis of g-axis rotor flux based model reference adaptive system updating rotor time
constant in induction motor drives. CES Trans. Electr. Mach. Syst. 2017, 1, 109-116. [CrossRef]

Moreira, J.C.; Lipo, T.A. A new method for rotor time constant tuning in indirect field oriented control. In Proceedings of the 21st
Annual IEEE Conference on Power Electronics Specialists, San Antonio, TX, USA, 11-14 June 1990; pp. 573-580.

Yu, X.; Dunnigan, M.W.; Williams, B.W. A novel rotor resistance identification method for an indirect rotor flux-orientated
controlled induction machine system. IEEE Trans. Power Electron. 2002, 17, 353-364.

Mapelli, FL.; Tarsitano, D.; Cheli, F. MRAS rotor resistance estimators for EV vector controlled induction motor traction drive:
Analysis and experimental results. Elect. Power Syst. Res. 2017, 146, 298-307. [CrossRef]


http://doi.org/10.3390/app9235145
http://doi.org/10.1109/TIE.2017.2668995
http://doi.org/10.1109/TIE.2007.911952
http://doi.org/10.1109/TPEL.2018.2800010
http://doi.org/10.2478/pead-2018-0007
http://doi.org/10.1109/TPEL.2015.2479410
http://doi.org/10.1109/TIA.2009.2013602
http://doi.org/10.1109/TEC.2017.2699681
http://doi.org/10.1109/TEC.2020.2979850
http://doi.org/10.1109/TIE.2008.918615
http://doi.org/10.3390/en13184946
http://doi.org/10.1109/TEC.2003.816595
http://doi.org/10.1109/TIE.2011.2164769
http://doi.org/10.23919/TEMS.2017.7961292
http://doi.org/10.1016/j.epsr.2017.02.005

Energies 2021, 14, 6826 19 of 19

37.

38.

39.

40.

41.

42.

43.

44.

45.

46.

47.

48.

49.

50.

Das, S.; Kumar, R.; Pal, A. MRAS-Based Speed Estimation of Induction Motor Drive Utilizing Machines” d- and g-Circuit
Impedances. IEEE Trans. Ind. Electron. 2019, 66, 4286—4295. [CrossRef]

Kumar, R.; Das, S.; Chattopadhyay, A.K. Comparative assessment of two different model reference adaptive system schemes for
speed-sensorless control of induction motor drives. IET Elect. Power Appl. 2016, 10, 141-154. [CrossRef]

Pal, A.; Das, S.; Chattopadhyay, A.K. An Improved Rotor Flux Space Vector Based MRAS for Field-Oriented Control of Induction
Motor Drives. IEEE Trans. Power Electron. 2018, 33, 5131-5141. [CrossRef]

Korzonek, M.; Orlowska-Kowalska, T. Discrete Implementation of Sensorless IM Drive with MRAS-type Speed Estimator. In
Proceedings of the 2019 International Conference on Electrical Drives & Power Electronics (EDPE), The High Tatras, Slovakia,
24-26 September 2019; pp. 242-247.

Korzonek, M.; Orlowska-Kowalska, T. Application of Different Numerical Integration Methods for Discrete Mras®C Estimator of
Induction Motor Speed—Comparative Study. In Proceedings of the 2018 IEEE 18th International Power Electronics and Motion
Control Conference (PEMC), Budapest, Hungary, 26-30 August 2018; pp. 806-811.

Sokola, M. Vector Control of Induction Machines Using Improved Models. Ph.D. Thesis, Liverpool John Moores University,
Liverpool, UK, 1998.

Chatterjee, D. Impact of core losses on parameter identification of three-phase induction machines. IET Power Electron. 2014, 7,
3126-3136. [CrossRef]

Chen, W.; Cheng, K.; Chen, K. Derivation and verification of a vector controller for induction machines with consideration of
stator and rotor core losses. IET Elect. Power Appl. 2018, 12, 1-11. [CrossRef]

Sokola, M.; Levi, E. A Novel Induction Machine Model and Its Application in the Development of an Advanced Vector Control
Scheme. Int. |. Electr. Eng. Educ. 2000, 37, 233-248. [CrossRef]

Popescu, M. Induction Motor Modelling for Vector Control Purposes; Helsinki University of Technology: Espoo, Finland, 2000; p. 144.
Butcher, J.C. Numerical Methods for Ordinary Differential Equations, 3rd ed.; John Wiley & Sons Inc.: New York, NY, USA, 2016.
Lipcak, O.; Bauer, ]J. Analysis of Voltage Distortion and Comparison of Two Simple Voltage Compensation Methods for Sensorless
Control of Induction Motor. In Proceedings of the 2019 IEEE 10th International Symposium on Sensorless Control for Electric
Drives (SLED), Torino, Italy, 9-10 September 2019; pp. 1-6.

Rotating Electrical Machines—Part 2-1: Standard Methods for Determining Losses and Efficiency from Tests (Excluding Machines for
Traction Vehicles), 2nd ed.; IEC 60034-2-1; IEEE: New York, NY, USA, 2014.

Karkkainen, H.; Aarniovuori, L.; Niemela, M.; Pyrhonen, J. Converter-Fed Induction Motor Efficiency: Practical Applicability of
IEC Methods. IEEE Ind. Electron. Mag. 2017, 11, 45-57. [CrossRef]


http://doi.org/10.1109/TIE.2018.2860530
http://doi.org/10.1049/iet-epa.2015.0121
http://doi.org/10.1109/TPEL.2017.2657648
http://doi.org/10.1049/iet-pel.2014.0121
http://doi.org/10.1049/iet-epa.2016.0654
http://doi.org/10.7227/IJEEE.37.3.3
http://doi.org/10.1109/MIE.2017.2693421

Conclusion

| concLusion

This doctoral thesis is submitted as a set of three impact factor articles and one conference article
with accompanying text. The additional sections beyond the articles were mainly devoted to the
theoretical background that supports or supplements the presented papers. Furthermore, more
detailed information regarding the respective topics was moved into appendices to keep the
theoretical part concise and clear.

Based on a survey of the methods and approaches in the available literature, the author of
this dissertation has identified several problems that occur in IM drives that have not yet been
adequately addressed and fully resolved. The main prerequisite for the author's further research
was the determination and compensation of the inverter nonlinearities, which was the subject of
interest of the paper presented in section 3.1. The paper clearly describes the most significant
sources of the inverter voltage distortion, including a simple method for their measurement. The
paper's novelty lies mainly in assessing and comparing two compensation strategies and two
compensation characteristics with respect to computational requirements, distorting voltage
vector elimination, and overall influence on the MRAS-based sensorless vector control. The paper
can be of use to researchers that need to select a practical and non-demanding approach to voltage
distortion measurement and compensation.

One of the critical IM parameters that strongly affects the FOC quality is the magnetizing
inductance, which appears in the transverse branch of the IM equivalent circuits. The magnetizing
inductance is usually used in vector control as a constant parameter or better, as a magnetizing
curve determined mainly from the standard no-load test. In most cases, both solutions lead to
satisfactory results but do not fully respect reality because they neglect the saturation due to the
load. The phenomenon of load-dependent saturation was mentioned several times in papers
published before the year 2000 and in recent years tackled in a series of papers from Aalto
University. However, it still needs further in-depth investigation and, therefore, the attention of
the researchers. Therefore, the thesis author has developed a novel, simple experimental method
to determine the IM saturation characteristics with respect to the load. The proposed method is
described in the paper presented in section 3.2. The experimental results show that lower current
consumption and better drive dynamics can be achieved when the proposed 3D magnetizing
characteristic is implemented. The energy savings resulting from reduced current consumption
of about 0.5 to 1 A may seem small but imagine extrapolating the savings to a megawatt
locomotive drive, which will probably be in operation for at least 20 years. Therefore, it would be
quite exciting and purposeful to see whether the proposed method also applies to high-power
traction motors, usually designed differently than small and medium power low-voltage motors.

The main contribution to the field can be considered the paper presented in section 3.3, which
is the author's latest publication and incorporates ideas, approaches, and methods from previous
papers. The paper gives guidance on how the iron losses can be included in MRAS-based IM
magnetizing inductance estimator and rigorously derives the adaptation mechanism together
with the error variable based on the Lyapunov function. Thus, the paper can be a stepping stone
for deriving further improved estimators, including, for example, additional losses, which are even
more often neglected in the IM parameter estimation process than the classically understood (i.e.,
load-independent) iron losses. Another contribution of the paper is that it also mentions and
strives to identify the often neglected phenomena of load-dependent saturation.

Neglecting the influence of the iron losses does not necessarily mean a significant
deterioration of the control quality as such. However, it may reduce the accuracy of algorithms
such as MRAS or observers trying to identify IM parameters or speed. Furthermore, the literature
also lacks quantitative analysis of other non-ideal aspects, such as the influence of discretization
and voltage distortion, on the parameter estimation process. For this task, a simulation analysis is
very useful since we can define the “real” value in the system model (i.e., in the model of IM) and
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compare it with the estimated value in the control model. Itis also possible to study the decoupled
influence of the individual negative phenomena acting on the system. Such an analysis was a
subject of research presented in the paper in section 3.4. The paper is based on a complex
simulation model in the MATLAB/Simulink environment, which permits to study the effects of
iron losses, voltage distortion, and discretization on the performance of MRAS-based stator and
rotor resistance estimation. The paper also derives improved voltage and current models and
extends the MRAS estimators to include the effect of iron losses. A significant contribution of the
paper is that it gives the reader a clear and one-stop guide on how to model and simulate certain
nonlinearities and imperfections occurring in IM drive.
To sum up the work done within the author’s doctoral study and thesis, it can be concluded
that, among others:
= Novel magnetizing inductance estimation methods were developed. The first method
permits the identification of the load-dependent saturation, while the other can also
identify the no-load magnetizing inductance in the presence of iron losses.

= FOC and the additional algorithms were programmed in C into a Texas Instruments
TMS320F28335 DSP and verified on 12 kW (papers in sections 3.1 and 3.2) and 3.6 kW
(papers in sections 3.3 and 3.4) IM laboratory drives.

= Complex simulation models of IM drive with included selected nonlinearities were created
in MATLAB/Simulink environment.

= A nonlinear model of the voltage-source inverter was identified, and the voltage
compensation was incorporated into the FOC algorithms.

= Iron losses were measured, fitted, and incorporated into the control algorithms.

= Reduced-order IM models (current and voltage model) with the effect of iron losses were
derived.

= Advanced modified integrator with the DC offset elimination was proposed and
implemented.

= The IM current model was implemented using a robust Runge-Kutta 4t order method.

= MRAS stator and rotor resistance estimators with the included effect of iron losses were
derived.

The motivation behind the presented papers, along with the summary of the main
contribution, discussion about the presented results, and suggestions about the possible
improvement and future work, were stated in more detail in the respective sections.

The thesis author would like to dedicate his future research to the advanced modeling of AC
machines for FOC purposes. Still, after many years and countless papers that were devoted to
modeling and control algorithms of AC electrical machines, there are many phenomena such as
the load-dependent saturation, stray-load losses, influence of higher spatial and time harmonics
that need further investigation with respect to the overall accuracy and robustness of the
sensorless and sensored control algorithms and parameter estimation techniques.
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APPENDIX B NOMENCLATURE

General Symbols

R IR R

*

perators

Plongla O ® X 3

3{...}
R{...}
I Subscripts

1

2
a,b,c
C

CE
CG

dt

eff

Fe

the complex conjugate of space vector
estimated value

space vector

reference value

matrix

vector

instantaneous scalar quantity

derivative
time derivative
partial derivative

imaginary part of complex number
real part of complex number

stator and general enumeration

rotor and general enumeration

notation of machine phases

constant

collector-emitter

collector-gate

dead time

effective

related to the machine core

gate

gate-emitter

inner, integral

magnetizing

mechanical

minimum, maximum

denotes relation to turning on and turning off process
poles, proportional

rotor, rise

fall, delay

reverse-recovery

stator, synchronous

direct-axis (real) value in the synchronous reference frame
quadrature-axis (imaginary) value in the synchronous reference frame
direct-axis (real) value in the stator-fixed reference frame
quadrature-axis (imaginary) value in the stator-fixed reference frame
leakage

I Superscripts

quantity expressed in a synchronous reference frame
quantity expressed in a general reference frame
quantity expressed in a stator-fixed reference frame
reference value
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| symbols and variables

SO T RO T

~

€aog - ou
=

W, Ws, Wglip
Y

electromechanical torque (Nm)
synchronous frequency (Hz)
number of machine pole-pairs (-)
cutoff angular frequency (rad-s-t)
imaginary unit (-)

mechanical angular rotor speed (rad-s-1)
flux density (T)

inductance (H)

active power (W)

reactive power (VAr)

resistance (()

period, time (s)

current (A)

slip (-)

time (s)

voltage (V)

Park’s transformation angle (rad)
leakage factor (-)

flux linkage (Wb)

electrical angular rotor speed, synchronous speed, slip speed (rad-s-1)
temperature (°C)

I Abbreviations

DFOC
DOL
DSP
FEA
FOC
FPGA
IEC
IFOC
IM
MMF
MRAS
PMSM
PWM
RFOC
RHS
RK4
RLS
RMS
SVM
SVT
VSI

direct FOC

direct-online

digital signal processor

finite-element analysis

field-oriented control
field-programmable gate array
International Electrotechnical Commission
indirect FOC

induction machine

magnetomotive force

model reference adaptive system
permanent magnet synchronous machine
pulse-width modulation

rotor flux linkage vector-oriented FOC
right-hand side

Runge-Kutta 4t order method
recursive least-square

root mean square

space-vector modulation
space-vector theory

voltage-source inverter
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APPENDIX C INDUCTION MACHINE EQUIVALENT CIRCUITS

C.1 Traditional T-Equivalent Circuit
The fundamental IM flux and voltage equations can be derived using the space-vector
theory [151]. The theory assumes that both the stator and rotor winding resulting inductances
can be split into two parts - the so-called magnetizing inductance, which quantifies the amount of
useful flux passing throughout the air-gap and the so-called leakage inductance, which quantifies
the other flux components. The leakage flux is mainly composed of [14], [79], [152]

= stator and rotor slot leakage flux,

= tooth-tip leakage flux,

= over-hang / end turn leakage flux,

= harmonic / air-gap leakage flux,

= skew leakage flux.

The detailed physical analysis of these fluxes components is beyond the scope of this thesis.
However, the important consequence is that the separation of the inductances into their
magnetizing and leakage part permits the fundamental flux and voltage IM equations to be
graphically visualized as the so-called T-equivalent circuit. Typically, the rotor variables are
recalculated onto the stator side, which causes the stator and rotor magnetizing inductances to be

equal. The stator and rotor branches can then be drawn as galvanically connected. The resulting
T-equivalent circuit is depicted in Fig. C-1. The equivalent circuit is mathematically described as

k -k d %i{ : k -
ur = Riiy +T+]wk fp (C-1)
us =0:R2£§+%+j(wk_w)fz(» (C-2)
i = Ligif + Lmify, (C-3)
Y5 = Lagly + Linifs, (C-4)
i = Ligif, (C-5)
V5o = Lagls, (C-6)
up = %, (C-7)
i+ 5 =i (C-8)
Y = Lmim. (C-9)

where ¥, X and Yk are the stator, rotor, and magnetizing flux linkage space vectors,

respectively, u¥, u¥ and uf, are the stator, rotor, and magnetizing voltage space vectors,
respectively, i¥, i¥ and i¥, are the stator, rotor, and magnetizing current space vectors,
respectively, R; and R, denote the stator and rotor resistance, respectively, w; is the electrical
angular speed of the general reference frame, w is the rotor electrical angular speed, L, is the
magnetizing inductance, p, denotes the number of pole-pairs and the symbol j represents an

imaginary unit (j2 = —1). A shorted rotor is considered; therefore, the rotor voltage equals zero.
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The stator inductance L, is defined as L = L, + L,,, where L, is the stator leakage inductance
and the rotor inductance L, is defined as L, = Ly, + L,,, where L,, is the rotor leakage
inductance. Furthermore, 1% and X, denote the stator and rotor leakage flux linkage vectors,

respectively. The superscript k indicates that the quantities are expressed in a general reference
frame. The two specific reference frames used in the thesis are the stator-fixed (real axis denoted
as a and imaginary axis as ) and rotor flux linkage vector-attached synchronous frame (real axis
denoted as d and imaginary axis as q).

Also, other quantities calculated from the above parameters are used in the thesis:

L,
== C-10
=R, (C-10)
L%,
—1_ ’ c-11
o L. (C-11)

where 7, is the rotor time constant, and o is the leakage factor.

Furthermore, if the saturation of the main flux path is considered, then the magnetizing
inductance is considered as a variable parameter, i.e,, Ly, = f (i) or Ly, = f (). If the stator or
rotor resistance variation is considered, these are then also treated as variable parameters but
without any predefined analytical dependence.

R1 Llo LZO‘

(@ — 0k

“|]

Fig. C-1 Induction machine linear T-equivalent circuit.

The electromagnetic torque can be expressed in many equivalent ways as

2 N _ 2 2
Te = 3z Pp¥S {Ev}zz 3K PoY WRektm = VimbRe) = 3777 Pp¥ o< (C-12)

= 3z PoY |E| |v|sin s,

where K is Clarke’s transformation constant, p;, is the number of pole-pairs and § is the angle
measured from the vector v to the vector u in a positive sense of rotation. The different

combinations for the torque expression are listed in Tab. C-1.
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Variant 1 2 3 4 5 6 7 8
u if if if if i i i A
. k k k k k
v Lg fl _r’fl fz f1 _rlﬁ fz Ez
Ly Ly Ly
L 1 1 — — 1 1
Y m L, L, oL, L,

C.2 T-Equivalent Circuit with Included Effect of Iron Losses,

Main Flux Saturation and Rotor Resistance Variation
Papersin sections 3.3 and 3.4 are based on the IM T-equivalent circuit with the iron loss resistance
placed in parallel with the magnetizing branch depicted in Fig. C-2 [22], [97]. The set of equations
describing the equivalent circuit can be summarized as

d iy
uf = Ryif + ==+ joy Y1, (¢-13)
d 5
uf =0 = Rpif +—=+j(wr — ) Y5, (C-14)
PF = Ligif + Linifh, (C-15)
Y5 = Lagls + Linify, (C-16)
Pl = Lisif, (C-17)
Vo = Lagls, (C-18)
d

= 2 i, + o (©19)
i+ =i+ ife (C-20)
Y = Ly, (C-21)
Ly, = f(flux level, load), (C-22)
Rge = f(flux level, frequency), (C-23)

3 L/ ko
Te=5Pp L. (ﬂz X Lrn)' (C-24)

where i¥, is the current space vector of the equivalent iron loss resistance path, R, is the

equivalent iron loss resistance, and u¥, is the voltage across the magnetizing branch.

103



Appendix C: Induction Machine Equivalent Circuits

. k .
R, e Lis Ly (@ —w)ps
O—1—] @ 2228 2228 ©
dy,
dt jorm
uf dypt L. dyk [] R,
dt Re dt
e
/ Kk -k
Lml lLFe
51 %)

Fig. C-2 T-equivalent circuit of a saturated induction machine with included fictitious iron loss
resistance.

In the papers from sections 3.2 (iron losses are neglected here) and 3.3, the magnetizing
inductance is considered a variable parameter that is a function of the machine's magnetic flux
and load. Therefore, (C-22) applies. Furthermore, the rotor resistance is also considered a variable
parameter that changes with the winding temperature. On the contrary, the paper from section
3.4 considers the magnetizing inductance constant and studies the influence of the iron loss
resistance and rotor resistance variation only. The state-space models suitable for modeling the
machine in simulation tools are also given in the respective papers.

104



Appendix D: Considerations about Modeling of Saturated Machine (Iron Losses Excluded)

APPENDIX D CONSIDERATIONS ABOUT MODELING OF
SATURATED MACHINE (IRON LOSSES EXCLUDED)

If the stator and rotor leakage inductances are constant, then during the derivation of some type
of the IM state-space equations, the following term needs to be differentiated

dﬂm _ d(LmL'm)

D-1
dt dt (>-1)
Of course, if L, = const,, then
dn, di
—_ . = D-2
dt S (0-2)
otherwise
dpy, . di
— = Llmim + Im d;;“ (D-3)
where L, = dL,/dt. The inductance derivative term can be expanded as
_ dLm dl_m _ d(lpm/im) dl_m _ i (dlpm + lp_m) dl_m _ Ldyn — Ly dim (D-4)
™ diy, dt diy,, dt i \dip,  iyn/ dt iy de’

where iy, = [ik|, ¥m = |ﬂ§1| and Lgyn = dy/dip, is the so-called dynamic inductance

determined by the slope of the magnetizing characteristic. An example of an IM real magnetizing
characteristic is given in Fig. D-1.

()

Fig. D-1 An example of induction machine no-load magnetizing characteristic.

To get a better insight into the so-called cross-saturation phenomena, we start by expressing
the components of the magnetizing flux linkage space vector in a general coordinate system xy,
i.e,

Ymx = Lnimx = L (f1x + i25), (D-5)
Ymy = Lmimy = L (i1y + i2y)- (D-6)

Time differentiation of (D-5) and (D-6), respectively, yields
_ Wy _ Oy dimy | 9y dimy _,  dimyx  dimy

U =T T Bl At Ol ™ de Y dr (D-7)
dlpmy a7~/me dimy a7~/"my dimx dimy dimx

= = :L . -

Ymy = Tqe T iy e | Oime dr ™ Tdr Y T4 (D-8)
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Due to the saturation, Ly, # Ly, and Ly, # 0. The inductances in (D-7) and (D-8) can be
expressed as [13]

Ly =Lm + (Ldyn - Lm) COSZ(pm —6i), (D-9)
Lmy = Lm + (Layn — Lm) sin?(pm — 61), (D-10)
(Ldyn - Lm) Sin[z(pm - gk)] (D_ll)

Lyy = > .

Furthermore, in the magnetizing current vector-fixed coordinate system, it follows that

dy, dy,di, diy,
Uy = F = EF = Ldyn F (D-lZJ
The angles are defined according to Fig. D-2. Equations (D-7) to (D-11) describe the so-called
cross-saturation by which we mean that under the saturated conditions, the rate of change of the
real axis current induces a voltage in the imaginary axis and vice versa. However, mathematically
the cross saturation diminishes in the magnetizing current-fixed coordinate system.

»
v

Fig. D-2 A magnetizing current vector in the stationary and general reference frame.

The effect of saturation is particularly apparent in the IM matrix impedance equation (p = d/dt),
i.e,

U =1], (D-13)
Ujx ilx
|y _ i1y

U=y | T=[} (D-14)
Uzy iZy

Z
Rl + lep nyp - (‘)kLl mep nyp - a)kLm
nyp + wily Ry + Llyp nyp + wily Lmyp (D-lS)
mep _(wk - (‘))Lm + nyp RZ + Lpr _((‘)k - (U)LZ + Lx
(wk - (‘))Lm + nyp Lmyp ((‘)k - w)LZ + nyp RZ + L2yp

Lix = L1 + Linx, Lly =Lis + Lmyv

D-16
Loy = Lag + Ly, L2y = Lys + Lmy- ( )

The impedance equation is suitable for the derivation of the IM state-space model with stator and
rotor current space vectors as the state variables. However, this model is quite complicated when
considering the saturation effects. Therefore, it is more convenient for the IM state-space models
to use a combination of flux linkage space vectors.
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APPENDIXE POSSIBLE PROOFS OF MODEL REFERENCE
ADAPTIVE SYSTEM STABILITY

E.1 Stability Proof and Adaptation Mechanism Derivation Using

Popov Hyperstability Concept

The hyperstability concept was introduced by Popov [117] as a generalization of the absolute
stability problem. The criterion was then utilized for the MRAS stability proof by Landau [113].
The hyperstability concept mainly concerns the class of multivariable nonlinear time-varying
feedback systems depicted in Fig. E-1. The global stability of such a system is ensured by fulfilling
the following two conditions [113]:

1. The forward path transfer matrix of the feedforward linear time-invariant (LTI) system is

strictly positive real.

2. Thenonlinear time-varying feedback (which includes the adaptation mechanism) satisfies
the Popov hyperstability criterion expressed as an integral inequality

ty

n(to, t1) = wlvde > —y§, (E-1)

to

where v is the input vector, w is the output vector of the feedback block and y3 is a positive
constant.

The validity of (E-1) is usually proved using the following integral inequality.

J frdf (o)

1
o faf(©dt = =Sk f(8)*. (E-2)

0

The candidate adaptation law, which is usually used for ensuring stability, is mostly conventional
PI controller, or more generally, the adaptation mechanism in the form

t
§=d,(e) + J ®, (g) dr. (E-3)
0
where £ is the estimated quantity and € is the adaptation mechanism input and ®;, ®, are scalar
functions. The specific applications of the presented theorems to different MRAS estimators in
electric drives and the formation of the equivalent circuits similar to Fig. E-1 can be found in the
respective literatures.

LINEAR TIME
INVARIANT
- u=-w BLOCK \4

A 4

w NON-LINEAR
TIME VARYING [«
BLOCK

Fig. E-1 Multivariable nonlinear time-varying feedback system.
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E.2 Stability Proof and Adaptation Mechanism Derivation Using

Lyapunov Function
The respective MRAS scheme's stability or the adaptation mechanism's derivation can also be
done using the Lyapunov theorem, which utilizes the so-called Lyapunov function [114]. A scalar
function V(x) is said to be a Lyapunov function if [161]
* V(x) has a continuous first partial derivative and is positive definite, meaning that

V(x) > 0. (E-4)

= V(x) is at least negative semi-definite, meaning that

V(x) <o0. (E-5)
Let us consider the IM reference model in the form
x = A({)x + Bu, (E-6)
y = Cx, (E-7)
and the adaptive model in the form
x=A(é)%+ By, (E-8)
y = CXx. (E-9)

The error between the reference and adaptive model is defined as e = x — X. Its dynamics is given
by

é=%x—X=A()e + AA(AS)R + ABu, (E-10)
where

AA(AS) = A(§) — A(8), (E-11)
AB = B — B, (E-12)
A =¢-¢ (E-13)

The Lyapunov function candidate for IM MRAS estimators is usually selected as [114], [118]

A 2

V=eTe+ % (E-14)

where 1 is a positive constant.
The time derivative of the Lyapunov function can be expressed as

A

S
A . (E-15)
= (A(H)e + AA(AE)R + ABu)Te + eT(A(§)e + AA(AE)R + ABu) — 2AE %

V==éTe+eTé—2A¢
Equation (E-15) can be manipulated into the form

V = €T (AT +A(©)) e+ (uTABTe + eTABu) + (RTAA(AS) e + eTAA(AD)R) — 2A¢ % (E-16)

Under the assumption that AB = 0, (E-16) can be rewritten as
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A

V=el (A(E)T + A(f)) e + RTAA(AE)Te + eTAA(AD)R — 2A¢ % (E-17)
The conditions for the negative-semidefiniteness of the Lyapunov function time derivative is
usually written in the form [118]

el (A(g)T + A(E)) e<0, (E-18)
RTAA(AE)Te + eTAA(AD)R — ZA.S% =0. (E-19)

The estimated variable can be obtained by manipulating (E-19) and performing an integration
which yields

t
é= AJ edr+ &, (E-20)
0

where &, is the initial value and

1
P
Equation (E-20) is the expression for an I controller. However, for better dynamics of the estimate,

the PI controller is mostly utilized [118]. Therefore, the final equation of the adaptation
mechanism which ensures the asymptotic stability of the system takes the form

£ (xTAA(AD)Te + eTAA(AD)R), (E-21)

t
§ = KI(MRAS)J € dt + Kp(mras)&, (E-22)
0

where Kp(vras) and Kyovras) are proportional and integral gains, respectively.
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APPENDIX F OVERVIEW OF MODIFIED INTEGRATORS FOR
VOLTAGE MODEL CALCULATION

Generally, the modified integrators can be mathematically described as [122]

/\aB
—dﬂl —eﬁ+w(t)(lp “B) (F-1)
dt 1 c 1(cor) — ’

where ff(i or) is the correction flux used for the comparison with the estimated flux Qf g , we(t)

is the cutoff frequency that can be variable or fixed, and
e = yff R, (F-2)

Taking the Laplace transform of (F-1) and assuming that w. = const. yields

ﬁ(s) + wC ‘I"l(cor)
s+ w, ’

PP (s) = (F-3)

By a specific selection of wf(/zor) we can obtain the various modified integrator algorithms. The

block diagram of the generalized modified integrator is shown in Fig. F-1.

Fig. F-1 General modified integrator structure [122] (edited).

I F.1 Integrator Approximation by Low-Pass Filter
lmplementing a high-pass filter (HPF) in series with the pure integrator and considering that

zpl(cor) 0 results in the approximation of the integrator by a low-pass filter (LPF) which can be

described in the Laplace domain as

ORI
gfﬂ (s) St

(F-4)

The block diagram of the integrator is depicted in Fig. F-2. The integration scheme is able to
remove the DC offset, but the resulting stator flux linkage vector is shifted both in amplitude and
in phase. The amplitude and frequency response of the integrator can be written as

_ 1
|G(jw)| = m (F-5)
arg(G(jw)) = —tan™? (Z—S> (F-6)

C

Looking at (F-5) and (F-6), it follows that the lower the cutoff frequency, the closer the
low-pass filter to the pure integrator but at the same time, the worse the ability to compensate the
DC offset accumulation. For proper functionality, it should always be ensured that w. < ws.
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Fig. F-2 Simple low-pass filter-approximated integrator [122] (edited).

I F.2 Compensated Filters
The evaluated stator flux linkage vector signal attenuation and lag can be mitigated by
implementing compensated filters [153]-[157]. The approaches can be divided into methods with
a fixed cutoff frequency and a variable synchronous frequency-dependent cutoff frequency.

I F.2.1 Fixed Cutoff Frequency Filters
The fixed-frequency filters are suitable mainly if the drive operates in a narrow band of
frequencies since it is not generally possible to find an optimal cutoff frequency ideal for the whole
speed range. The amplitude attenuation and phase lag are generally compensated by the inverse
transfer function of a high-pass filter in the form

S+ w,
S

: (F-7)

Fig. F-3 and Fig. F-4 show the modified integrator scheme with output and input
compensation, respectively. The algorithms work well, especially at a steady state and higher
speeds. The disadvantage of the schemes lies in the necessity of division by the synchronous
frequency, which impairs the integrators' performance around the zero-speed area [154].

Fig. F-4 Compensated low-pass filter with input compensation [122] (edited).
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I F.2.2 Variable Cutoff Frequency Filters
Better results are achieved if the cutoff frequency of the filters is variable and somehow dependent
on the synchronous frequency, i.e., when w. = f(ws). According to [122], the most common choice
is the linear dependence in the form

we = Alws|, (F-8)

where 4 € (0, 1). As a rule of thumb, at lower speeds, the parameter A can be selected “low” (e.g.,
0.1), and at higher speeds, higher values closer to 1 are preferred.

Similarly, as in the case of the constant cutoff frequency filters, the proposed schemes can be
divided into input and output-compensated filters [153]-[157]. An example of an
output-compensated filter based on [156] is depicted in Fig. F-5. The LPF output is multiplied by
a term with gain and phase lag, respectively, given by

|Geor(j@)| = V1 + 2%, (F-9)

arg Geor(jw) = — sign(ws) tan™1(1). (F-10)

An example of an input-compensated LPF based on [157] is depicted in Fig. F-6. The scheme
represents an integration in the form

P = J |~ sl + (1 = jasign wy)ef | dt. (F-11)

According to [122], the algorithms presented in Fig. F-5 are Fig. F-6 comparable in terms of
the initial error response, but the input-compensated LPF shows better behavior during the speed
reversals. Reference [122] also reports that higher values of the parameter 4 yield faster rejection
of the DC offset and the lower values on the other hand offer better transient response of the
integrators.

Fig. F-5 Compensated low-pass filter with output compensation [122] (edited).
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Fig. F-6 Compensated low-pass filter with input compensation [122] (edited).

I F.3 Amplitude Saturation Integrators

These algorithms can be viewed as “closed-loop” since in (F-1), the term zpf‘(’ior) # 0. This class of

integrators chooses the correction flux vector, which has the same phase as the integrator output.
[ts magnitude then serves as the limiter for the integrator output.
Three integration schemes are presented in [158], which can be described in a general form

as

ap
e (s w
& () o

PP (s) = z(s), (F-12)

S+w. S+ w
where z(s) is the compensation term. Choosing z(s) = 0 yields the equation of an uncompensated
LPF. Contrary to that, choosing z(s) based on some modification of lTJ(fB yields the amplitude

saturable integrator.
The first and straightforward scheme of the amplitude saturation integrator is presented in

Fig. F-7. The correction term z(s) = lTJi“ﬁ until the saturation occurs. Then the output becomes

ap
e (s w
& (), @ g0, (F-13)
St+w. S+ wc

PP (s) =

where Z(L) is the saturation block output, which is limited to value L. The limiting value should
be ideally equal to the actual amplitude of the integrator output. Larger values will superimpose
a DC component on the evaluated stator flux linkage vector. The lower values will then distort the
integrator output.

Fig. F-8 presents an improved version where only the amplitude of the estimated flux linkage
vector is saturated. Such an algorithm mitigates the negative effect of the distortion of the output
flux waveform. Fig. F-9 then shows a scheme where the limiting value L is determined by an
adaptive controller. The integrator error variable is represented by a dot product of the signals

Afﬁ and Qfﬁ divided by the magnitude of lf)fﬁ Such an error becomes zero when the dot product

B

is zero, meaning that the signals J)fﬁ and Qf are orthogonal (i.e., no offset present). The

disadvantage is the necessity of tuning an additional PI controller.

113



Appendix F: Overview of Modified Integrators for Voltage Model Calculation

ap
1
r—>
———————————— [ aB
e+ l : | 2!
[ ' I
| [
| |
' -
| — p—
| W ¥ [+ |/ A HI.
| +1 ;
____________ [
Fig. F-8 Amplitude limiter [122] (edited).
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Fig. F-9 Adaptive compensation using quadrature detector [122] (edited).

I F.4 Adaptive Stator Flux Observers
The last group of algorithms mentioned in more detail are the so-called adaptive flux observers
[159]-[160]. These relatively complex schemes are based on the parallel operation of the IM
voltage and current model. The current model is not impaired by the DC offset accumulation
problem since cross-terms are present when the vector equation is resolved into the real and
imaginary parts. These cross-terms ensure the suppression of the DC offset accumulation. It is
generally accepted that the current model yields better performance in the low-speed area than
the voltage model and vice versa in the high-speed area.

A general structure of such an integrator is depicted in Fig. F-10. The rotor flux linkage vector
obtained from the current model is recalculated into the stator flux linkage vector that is used
during the correction process. The correction is mainly based on an adaptive PI controller. The PI
controller’s output is the estimated offset which is then summed with / subtracted from the pure
integrator input. The general integrator equation can be written as

P = ] (uf? - Ryig? +02%%) at, (F-14)

where @gg is the estimated offset from the adaptive PI controller that processes an error variable

based on the current and voltage model stator flux linkage vector components.
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Fig. F-10 General scheme of an adaptive flux observer [122] (edited).

A few other schemes were proposed in the literature that resemble the current model-based
adaptive integrator. In [146], the author used a parallel integrator with a saturation based on the
reference stator flux linkage vector and an algebraic equation for the offset calculation that is then
filtered by a first-order low-pass filter. The scheme also utilizes an additional compensator for
high-frequency noise rejection. In [147], the authors presented an integrator with an adaptive PI
controller that utilizes the error variable based on the reference and calculated stator flux. This
scheme was an inspiration for the algorithm proposed by the thesis author.
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